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Abstract

Purlins are arguably the most widely used cold-formed steel members in construction.
They are employed as secondary steelwork to support roof cladding, transfer loads
and offer effective restraint to the primary steel members. Owing to their thin-walled
nature, they are susceptible to a variety of instabilities including local, distortional,
lateral torsional buckling or interactions thereof. Currently, most cold-formed
producers try to optimise their cross-section geometries to achieve maximum strength
with minimum material usage and hence gain a competitive advantage in the
construction market. Furthermore, most producers can customise their cross-sections
on demand to suit a particular application and hence expand the scope of application
for their products. Therefore, determining optimal cross-section shapes as well as the
pertinent dimensions of the various parts of a cross-section for a given shape for cold-

formed steel members, is a topic of great interest.

The aim of this thesis is to assess current and propose novel design approaches for
cold-formed steel purlins. To this end a series of experimental tests and numerical
analyses is performed focusing on the structural response of purlins subjected to loads
likely to occur in practical applications. Since purlins are commonly restrained by
cladding, only their cross-sectional response will be considered in this project. The
failure modes considered include local and distortional buckling as well as web
crippling, whilst the studied cross-section shapes are Z and Sigma purlins. Z purlins
are particularly susceptible to local and distortional buckling due to their deep flat web;
hence these failure modes are studied in great detail. In addition to generating
structural performance data, an attempt to optimise the sections is also reported. To

this end, a series of 8 tests followed by numerical investigations for a wide range of Z-
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sections have been conducted. It was found that for most of sections, small lip size to
flange width ratios (i.e. d/b < 0.28) leads to decreased efficiency by about 8%, whilst
lip size to flange width ratios above 0.4 leads to improved efficiencies particularly for
deeper sections, for which gains in the region of 5% can be achieved. Furthermore,
the obtained experimental and numerical results are used to assess the accuracy of
the design predictions of Eurocode 3 and the Direct strength method (DSM). On the
other hand, Sigma sections employ a non-flat web which offers greater strength
against local and distortional buckling at the expense of reduced resistance to web
crippling. Furthermore, Eurocode 3 does not currently cover the design resistance of
sigma sections to web crippling, thereby necessitating the development of a novel
design approach. A series of six tests was performed on sigma purlins subjected to
interior one flange loading. A numerical model was generated and validated against
experimental results. Upon validation of the numerical model, parametric studies were
conducted to generate additional data considering a wide range of cross-section
geometries. Using the obtained results, the North American specifications was
assessed and found to be unsafe for sigma sections, thus a modification was
proposed. A recently proposed design framework based on cross-section slenderness

was successfully extended to sigma sections.
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Chapter 1: Introduction
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1.1 Background

There are two main types of production for structural members in steel construction,
hot-rolling (HR) and cold-forming (CF) with the main different between them being the
temperature during the manufacturing process. Hot-rolled steel members are
produced at high temperatures thus allowing steel members to be formed into the
desired shape via successive passing through rollers which gradually transform a hot
steel ingot into a predetermined structural shape. This production method is suitable
for large volume production of thick sections with a simple geometry. Cold-formed
steel sections are produced at room temperature via press-braking or cold-rolling of
relatively this steel sheets into the desired structural shape. Cold-forming or cold-
rolling is suitable for the production of thin-walled open sections often having a
complex cross-section geometry (Doran and Cather, 2013). Cold-formed steel
members have been first used in industry in the 1850’s and became extensively
utilized in construction since the 1940s (Yu et al., 2010). They are commonly employed
as secondary members supporting cladding (e.g. purlins and side rails) or primary

structural members not necessitating the use of a heave steel profile like floor joists.

Cold-formed steel structural members are further categorised into two types, long
products used as structural framing members and panels or decks used for wall panel,
roofing, bridge forms, flooring and siding materials (Yu et al., 2010). Carrying load is
the main function of individual structural framing members thus the main consideration
in their design is structural strength and stiffness (Yu et al., 2010). Figures 1.1

illustrates some typical cold-formed steel shapes unitised in structural framing. Typical
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shapes of panels, decks and profiled sheets linear trays are illustrated in Figure 1.2

(Dubina et al., 2012).

MLl
O LA

Figure 1.1 Common cold-formed steel shapes (Yu et al., 2010).

VAAVERVER VAR VAR VARY.
VAR UV UV U W |

SN L

Figure 1.2 Profiled sheets and linear trays (Dubina et al., 2012).

3|Page



In terms of stiffness and strength cold-formed steel members are efficient since they
are made from thin steel which leads to light weight members with high strength
(Dubina et al., 2012). However, their thin-walled nature makes cold-formed steel
members susceptible to several cross-section instabilities such as local (L) and
distortional (D) buckling as well as member instabilities such as lateral-torsional
buckling (LTB) for laterally unrestrained flexural members (Martins et al., 2017b).
Depending on length, loading arrangement, support conditions and cross-sectional
geometry any of these buckling modes and interactions thereof may be critical (Van
der Neut, 1969). In addition to their high strength to weight ratio, the ease of installation
and transport, their enhanced performance, economy and flexibility in fabricating
cross-sectional forms and sizes (Yu and Schafer, 2006) are additional advantages that

have increased the popularity.

Nowadays, most of the cold-formed producers are able to customize any cross-section
on demand and employ it in a specific application. Accordingly, finding optimal profiles
or sizes for cold-formed steel members, which provides effective and economical
solutions, is a topic of great interest (Leng et al., 2011). In structural engineering,
cross-section optimisation means the minimisation of used materials by reducing the
weight while fulfilling strength and serviceability constraints. Generally, cross-section
optimization approaches can be categorized into two types, namely shape
optimisation and size optimisation (Ye et al., 2016). The first is aiming to determine an
optimal cross-sectional form with no initial constraints on its shape while the second
is aiming to determine an optimal relative size for a defined profile. Significant research
have been conducted on shape optimisation (Liu et al., 2004, Moharrami et al., 2014,

Leng et al., 2014). In addition, size optimisation has also been studied by many

4|Page



researchers for several conventional CF steel section geometries such as Z, hat and

I-section (Adeli and Karim, 1997, Lee et al., 2005, Lee et al., 2006).

1.2 Aim and objectives

The aim of this thesis is to fill in current gaps in knowledge in the design and behaviour
of cold-formed steel purlins subjected to bending and/or concentrated loads. Due to
the susceptibility of sigma sections to web crippling and of Z-sections to local and/or
distortional buckling, this project studies Z-sections subjected only to bending

moments and Sigma sections subjected only to concentrated forces.
To achieve this aim the following objectives need to be met:

e Carry out experimental tests on cold-formed steel purlins to generate

fundamental structural performance data.
¢ Develop and validate FE models against experimental results.

e Generate additional structural performance data that will allow the effect of key
parameters such as aspect ratio, cross-section slenderness and cross-section

geometry, on the strength to be determined.

e Based on the numerical results, optimise cross-section geometry of Z purlins to

maximise the design resistance.

e Assess the accuracy of current codified design guidance based on the

generated experimental and numerical results.

e Propose a novel design approach to improve strength predictions of sigma

section and facilitate efficient design in line with the observed response.
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1.3 Outline of the thesis

This thesis is organised in six chapters. Chapter 1 outlines a brief background of cold-
formed steel and its applications in construction industry. Additionally, the aims and

objectives of the research and the outline of the thesis are set out in this chapter.

Chapter 2 presents a literature review discussing the available research findings on
the structural testing, numerical modelling, structural response and design of cold-
formed steel purlins, with the focus lying on local, distortional buckling and web
crippling behaviour of flexural members and the current design standards for cold-
formed steel. In this chapter, the shortcomings of published research are highlighted,
and gaps of knowledge that lead to this thesis project are identified. Furthermore, the
experimental testing and numerical modelling procedures adopted in later chapters

are informed by the literature review reported in Chapter 2.

In Chapter 3 an experimental investigation on simply supported purlins employing
lipped Z- sections subjected to bending is reported in detail. The information about the
test set up, specimen preparation, support details, loading procedure and results are
provided in this chapter. Additionally, the test results are analysed, discussed and
utilised to assess current design specifications, namely Eurocode 3 and the Direct

Strength Method (DSM).

Chapter 4 builds upon the experimental results reported in the previous chapter by
developing and validating a numerical model that accurately replicates the test results
reported in Chapter 3. Chosen element type, initial geometric imperfection amplitudes
as well as combination of local and distortional imperfections, employed materials
properties and modelling of structural details of the numerical model are discussed.

The model is validated against the test results. Extensive parametric studies are
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conducted to determine the optimal lip size to flange width ration that maximises

efficiency of the cross-section.

Chapter 5 reports experimental investigations on sigma sections subject to interior one
flange loading. Six experimental tests are reported in detail and the obtained results

are discussed.

Chapter 6 a numerical model is developed and validated against the test results
reported in Chapter 5. Upon validation of the results, a comprehensive parametric
study is carried out. The north American specifications NAS S100-16 (AISI, 2016) are
assessed and design recommendations are proposed. Finally, the scope of a
slenderness-based design approach for design against web crippling is extended to

cover sigma sections.

Finally, Chapter 7 summarises the overall conclusions of the project and presents

some recommendations for future work.
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2.1 Cold-formed steel purlins

Purlins are among the most commonly used cold-formed steel members in
construction. They are employed as secondary steelwork to support roof cladding,
transfer loads and provide effective restraint to the primary steel members. Typical
cross-section shapes adopted as purlins include C-sections, Z-sections and Sigma
sections, which may employ lips and intermediate stiffeners of varying complexity to
maximise the cross-section stiffness under the intended loading conditions. Under
gravity loads, simply supported purlins can in most cases be assumed to be effectively
restrained against lateral torsional buckling, since the attachment of cladding to the
top flange usually provides sufficient lateral and torsional restrain to the compression
flange of the purlin, hence eliminating lateral torsional buckling. However, under uplift
conditions, the cladding provides only partial restrain against torsion as the tension
flange is restrained and hence lateral torsional buckling tends to govern failure
particularly for longer spans. Furthermore, the absence of double symmetry further
complicates the structural behaviour of purlins and leads the development of complex

stress fields (Vieira Jr et al., 2010).

Several researchers have studied the structural behaviour of cold-formed steel purlins
experimentally and numerically with the aim of assessing current and developing new
design procedures, to verify the structural response under different loading conditions
or to develop novel cross-section geometries. Full scale tests on simply supported
and continuous purlins employing C- and Z-sections under gravity loads have shown
the effect of the location of the deck fasteners with respect to web axis on the response
of C-sections (Willis and Wallace, 1990), with increasing distance of the fastener axis

from the purlin web leading to improved structural response. The importance of the
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spacing of the fasteners on the resulting failure mode and the corresponding failure
load was demonstrated experimentally for C- and Z-sections tested in the 4-point
bending configuration (Yu and Schafer, 2003). It was concluded that effective
attachment of a metal deck to the purlins via closely spaced fasteners can suppress
the distortional buckling failure mode and even increase the local buckling resistance.
Design equations for the inelastic lateral torsional buckling strength of C and Z purlins
under uplift were developed based on full-scale tests (LaBoube, 1984), whilst tests on
the structural response of sigma purlins attached to a metal deck with a relatively large
fixing spacing are reported in (Yang and Liu, 2012) under both gravity and uplift
loading. In addition to the conventional C, Z and Sigma sections, more complex sigma
sections incorporating longitudinal web stiffeners were studied experimentally and
numerically (Nguyen et al., 2017a) and their improved efficiency over conventional
Sigma sections as well the ability of the direct strength method (DSM), to accurately
predict their response was demonstrated. The response of purlins subjected to
combined axial force and biaxial bending has also been experimentally and
numerically investigated and suitable design equations were proposed (Becque and

Rasmussen, 2013).
2.1.1 Fabrication process

Cold-formed steel members are fabricated from steel strip or sheet, with thickness
ranging from 0.3 to 6.4 mm (Yu et al., 2010), whilst within European design practice
(CEN, 2006a), cold-formed steel members have a thickness ranging from 0.45 to 15
mm. Three different methods are available to manufacture cold-formed steel sections,
namely press braking, folding and cold rolling. The most extensively used in
constructions is the method of cold rolling, which consists of passing a strip of metal

through pairs of opposing rolls to gradually form the desired profile as shown in Figure
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2.1 Every pair of opposite rolls is called a stage, and contributes a specific amount of
plastic deformation leading to the desired section geometry (Dubina et al., 2012). Cold-
rolling can be utilised to create a variety of cold-formed sections, including square and
rectangular sections, from a circular hollow section. A simple section requires few
stages, while for more complex section, many stages are required. Typically, cold-
rolled sections have relatively large corner radii at the intersection of their elements
and because of the plastic deformation induced by the cold-rolling process, the
material of the finished product usually has significantly larger yield strength and
smaller ductility than the virgin material of the sheet from which the section is rolled,
with maximum strength enhancements occurring in the corner regions of the cold-

rolled sections.
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Figure 2.1 The manufacturing process of cold roll forming (Rhodes, 1991).
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Press-braking is another method which can produce a diversity of cold-formed steel
cross-sections by pressing a steel sheet between shaped dies in sequence, as shown
in Figure 2.2, whilst folding essentially consists of a sheet of metal is folded several
times until it reaches the required shape as shown in Figure 2.3. Folding is employed
in a small range of applications because the method is restricted to sections of simple
geometries and of short lengths (Dubina et al., 2012). Similarly, press-braking has also
restrictions on sections lengths. Generally, cold roll forming is used when great
quantities of a specific profile are in demand, while press braking is utilised if small
quantities of various shapes are required (Dubina et al., 2012). It should also be
mentioned that press-breaking results in significant corner strength enhancements
that are usually confined within the corner region of the press-braked sections with the

material away from the corner region not being significantly affected by press-braking.

Figure 2.3 Folding process (Dubina et al., 2012).

12|Page



2.1.2 Material properties

Material properties play a critical part in the behaviour of structural members,
therefore, itis essential to be acquaint with the mechanical properties of steel strip and
sheet prior to designing cold formed steel members (Yu et al., 2010). Generally, tensile
tests are performed on material coupons extracted from the cold-formed components
to determine the material response of cold-formed steel sections. Cold-formed steels
usually display a rounded stress-strain response with an absence of a defined yield
plateau due to cold forming process, while hot-rolled steels exhibit a well-defined yield

plateau followed by strain-hardening as shown in Figure 2.4.

e i e

. 0.002 € _
h Str&un u t,0.2 Strain u

a b

Figure 2.4 Stress strain response for a) hot-roll steels and b) cold-formed steels (Liew and
Gardner, 2015).

An expression to describe the nonlinearity of stress-strain response of cold-formed
steels has been proposed by Ramberg and Osgood (1943) and thereafter modified by

Hill (1944) as given in Eqatuion 2.1:

e =+ 0.002 (9/0,)" (2.1)
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In(20)

where n is non-linear parameter,n = ———,
ln( ' /0'1_0)

E is the Young’s modulus of the

material and o, , is the proof stress corresponding to a 0.2 % plastic strain, which is
conventionally adopted as a nominal yield stress for design. It should be noted that
the expression of Ramberg-Osgood was initially proposed for aluminium alloys,
however, it has been used for many metallic materials exhibiting a rounded material
response including cold-formed steel. This expression approximates the material
response reasonably well up to the nominal yield stress, but overestimates the

stresses thereafter (Real et al., 2014).

Mirambell and Real (2000) introduced a two-stage Ramberg-Osgood model to
approximate the material behaviour at higher stresses. Their proposal was to apply
the original Ramberg-Osgood expression (Eq. 2.1) for stresses up to 0.2% proof stress
and employ a similar expression with a different strain hardening exponent between
0.2% proof stress and ultimate stress (Eq. 2.2). The second stage of the material
response employs two additional material parameters, namely the strain hardening
exponent m and the strain at ultimate stress €, and has been formulated in such a way
that at the transition point (0o0.2) continuity of the curve and continuity of the slope of
the curve is maintained. Three years later, Rasmussen (2003) based on a large
amount of material response data proposed explicit predictive equations relating the
additional material parameters to the three parameters of the original Ramberg-

Osgood equation.

- _ m
£ = (9=%02) + &, (a 60'2) + &gz Foro>o0, (2.2)

Ou—00.2
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where E, , is the tangent modulus at 0.2% proof stress, E;, = LEO, m is strain
0

14+0.002n——
00.2

hardening, m = 1+ 3.5%, o, is the ultimate stress, ¢, is ultimate strain €t , is the

u

total strain at the 0.2% proof stress. Subsequently, Gardner and Nethercot (2004)
propose utilising the 1% proof stress instead of the ultimate stress in Equation 2.2
resulting in Equation 2.3, since the ultimate compressive strength is unable to be

obtained owing to the absence of necking phenomena.

— — — I(10.2,1.0
E = (9-%.2) + (Etl_o - gto_z - 210 60'2) X ( 7-%.2 ) + Eto_z Foro > 02 (23)

Ep.2 Ep.2 01.0—00.2

Where, et,, is the total strain at the 1% proof stress and 1, 1, is a strain hardening
coefficient representing a curve that passes through o¢,, and o,,. The two stage
Ramberg Osgood material model originally proposed by Ramberg and Osgood (1943),
given by Equation 2.1, and modified by Gardner and Nethercot (2004), as defined by
Equation 2.3, for the 1st and 2nd stage respectively, is adopted for the material
modelling of cold-formed sections in this thesis. More advanced material models
involving three (Quach et al., 2008) or more stages (Rossi et al., 2014) have also been
proposed for other nonlinear metallic materials but their scope of application is not

relevant for this project.
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2.1.3 Corner strength enhancements

Due to the cold rolling process the yield stress and, to a lesser extent, the ultimate
strength increase in the corner regions of cold-rolled sections, while they only increase
in the corners when the press braking method is used (Rhodes, 1991). Consequently,
the flat portion of the cross-section normally yields before the corner parts. Strain
hardening and plastic deformation during the fabrication process is the cause of the
observed yield strength increase, while the increase of ultimate strength, which is
accompanied by a reduction in ductility, is attributed to strain aging (Dubina et al.,
2012). Corner strength enhancement of cold formed carbon steel was firstinvestigated
by Karren (1967) who proposed a semi-empirical model, to determine the increase in

the corner strength based on considerable amount of available test data as given by

Equations 2.4.
B,
902,c = {7ypye 020 (2.4a)
2
Ouv | _ Ouv _
B, = 3.96 (GO.”) 0.819 (_ao.z.v) 1.79 (2.4b)
a = 0.192 ("’“’) — 0.068 (2.4¢)
00.2,v

This model, which was adopted in American Iron and Steel Institute (2007), indicates
that two factors affect corner yield strength oy,., which are the ratio of ultimate
strength (o, ,) over yield strength (o, ,,) of virgin steel and the ratio of the internal root
radius (r;) over virgin steel thickness (t). Thereafter, Abdel-Rahman and Sivakumaran

(1997) conducted 41 tensile coupon tests on cold formed steel of channel sections to
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evaluate Karren’s model. Their results reveal that that strength enhancements also
occur in regions close to the corners but are not as substantial compared to those
observed in the corner regions themselves. They observed that the experimentally

J0.2,c

obtained corner over flat yield strength ratio ( ) on average ranged from 49 to 74%

00.2,v
of those determined by Karren’s model. Based on that, their proposal was to continue
using Karren’s model but with adding a modification factor (0.6) to Equation (2.4a).
Similarly, a modification to Equations 2.4b and 2.4c has been proposed by Gardner et
al (2010) based on 40 corner tests results which extracted from rectangular and
square hollow sections made of stainless steel. The revised values of B, and «, as
given by Equations 2.5a and 2.5b, offer more accurate predictions of corner yield
strength than those predict by Karren’s model for cold formed box sections when

applied to cold-formed stainless steel sections.

2
Ouvy \ _ Ouv _
B, =29 (GO.”) 0.752 (_ao.z.v) 1.09 (2.5a)
a =023 ( “’“’) —0.041 (2.5b)
00.2,v

With regard to the yield strength of full section, American Iron and Steel Institute (AlSI,
2016) provides an expression, which was originally proposed by Karren and Winter
(1967), to determine the average yield strength (g, ,) for the entire section as given

by Equation 2.6.
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0020 = Copzc+ (1 —C)ap (2.6)

where:
C is the ratio of corner area to total cross-sectional area.

0o.2,r is yield strength of flat region.

EN 1993-1-3 (2006) provides a different expression, given by Equation 2.7, to

determine (oy24)-

. kNt?2
002,04 = Op2v + (04 — 0p2) _Ag (2.7)

where:

k is a numerical coefficient that depends on the type of forming, k=7 for roll forming

and k=5 for other methods of forming
N is the number of 90° bends in the cross-section with an internal radius r; <5t

Ay is the gross cross-sectional area

t is the design core thickness of the steel material before cold forming.

These expressions are intended to simplify the design of non-slender (i.e. class 3 or
better) of cold-formed cross-sections by replacing the different nominal yield strengths
observed in the corner and flat material regions with a single average value. The use
of a full-section yield strength leads to a better approximation of observed structural
behaviour and more favourable strength predictions for non-slender sections,
however, given that the vast majority of cold-formed steel members is class 4, the

scope of application is limited to very few cases.
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2.1.4 Residual stresses

The fabrication of cold formed steel also introduces residual stresses which are the
self-equilibrating stresses that exist in structural members in the absence of loading
and are due to the fabrication procedure. In general, residual stresses are present in
both hot-rolled and cold-formed sections, due to the differential rate of cooling and
subsequent strength and stiffness increase in the various parts of a hot-rolled section
and due to plastic deformation in a cold-formed respectively. Furthermore, residual
stress might be present in the steel sheet used for the production of cold-formed
sections due to the coiling, uncoiling and levelling process before applying the cold
forming process. In the remainder, only residual stresses in cold-formed sections will

be discussed.

Residual stresses may lead to premature yielding and because of that the stiffness
decreases and likely the load carrying capacity deteriorates (Gardner and Cruise,
2009). A destructive method in laboratory is usually used to measure the residual
stresses in cold formed steel. The sectioning method was utilised by Batista and
Rodrigues (1992) to determine the longitudinal residual stresses distributions in
channel sections manufactured by both cold roll forming and press-braking. They
observed that residual stresses in press braking sections were smaller than those in
roll forming sections. This shows that residual stresses magnitude is affected by the
quantity of cold work. The longitudinal residual stresses in cold formed channel section
were also measured by Weng and Pekoz (1990). Their findings indicate that
magnitudes of residual stresses in the corner region were high compared to those in
the flat portions. Moreover, the compressive residual stresses observed on the internal

surface of the sections, whereas tensile residual stresses found on the outside
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surface. Similar findings were reported in (Abdel-Rahman and Sivakumaran, 1997, Ma

et al., 2015, Chen and Young, 2019).

Commonly residual stresses are considered to be a combination of two types, namely
membrane residual stresses and bending residual stresses as shown in Figure 2.5
(Weng and Pekoz, 1990). Membrane residual stresses, which can be compressive or
tensile, are distributed evenly throughout the whole section thickness. On the contrary,
bending residual stresses, which have more significant impact on cold formed steel
sections compared to the membrane ones, vary through the section thickness (Weng
and Pekoz, 1990). The occurrence of membrane residual stresses is more common
in cold-rolled members than press braked members and the effect of them is only high

in the corner region of the sections.
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Figure 2.5 The bending and membrane components of residual stresses (Schafer and
Pekoz, 1998).

The bending residual stresses lead to an earlier loss of stiffness under applied load
hence promoting buckling, whilst the corner strength enhancements increase the
cross-sectional strength as the press-braked corners possess higher strength than the

flat material of the section. Since the material coupons curved upon their extraction
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from the section due to the release of bending residual stresses, the effect of the
residual stresses is reflected in the obtained material properties, as the residual
stresses are reintroduced as the coupons were straightened during the initial stages
of tensile testing (Gardner and Cruise, 2009). Given that strength enhancements and
residual stresses are caused by the same process, neither the strength enhancements
of the corner regions nor the residual stresses have been explicitly modelled in this

thesis.

2.2 Buckling of flexural members

The thin-walled nature of cold-formed steel purlins makes them prone to several types
of instabilities, including local, distortional and lateral-torsional buckling and
interactions thereof, which in most cases prevent cold-formed sections from reaching

their elastic moment resistance. Each of these buckling modes is discussed hereafter.
2.2.1 Local buckling

Local buckling is defined as a buckling mode which involves flexural deformations and
rotations but no translation of the nodal lines (junctions between elements) (Schafer
and Adany, 2005) as shown in Figure 2.6. The length over which local buckling occurs
(i.e. half-wavelength) is relatively short, normally less than the largest cross-sectional
dimension (Macdonald et al., 2008). Local buckling always occurs at the cross-
sectional level and includes all constituent plated elements comprising a cross-section
that are partly or fully in compression, since they are interconnected (Roberts and
Jhita, 1983). However, some of international design standards and design methods

do not account for the element interaction when considering local buckling of cross-
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sections and assume that a cross-section behaves as its most slender element, thus

ignoring the beneficial effect of stockier element supporting the more slender ones.

I

Figure 2.6 Local buckling for different cross-section.

Based on small deflection theory, Bryan (1890) developed a differential equation to

determine the critical buckling stress of a plate. An expression for determining the

elastic critical local buckling of a rectangular plate undergoing bending, shear and

compression can be derived by solving Bryans’ equation as given in Equation 2.8.

— k.- T2E
Ocr = Xf " 21w (b/1)2

Where:

k¢ is the local buckling factor.

v is Poisson’s ratio.

t is a plate thickness.

b is the width of plate.
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The value of k; depends on stress distribution and the boundary conditions, as well
as the aspect ratio of the plate a/h (where a and h are the length and the depth of plate
respectively). A comprehensive research has been carried out to determine the value
of k¢. Gerard and Becker (1957) studied the relationship between the local buckling
factor k; and the aspect ratio under a given loading and boundary conditions and found
that the value of k; tends to be approximately constant for simply supported plates
with increasing aspect ratios increases as shown in Figure 2.7. Timoshenko et al.
(1961) proposed various kf values for a long rectangular plate undergoing three types
of stresses namely, shear, bending and compression stresses, and various boundary
of conditions (free edge, simply supported and fixed) as reported in Table 2.1.
Hancock (1978) utilised the finite strip Method (FSM) to provide k values for |- beams.
Similarly, Seif and Schafer (2010) adopted a FSM-based software to derive empirical

equation for k; as a function of section geometry and loading condition.
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Figure 2.7 local buckling factor vs aspect ratio (Gerard and Becker, 1957).
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Table 2.1 Local buckling factor for a long rectangular plate (Timoshenko and Gere 1961).

Type of Value of k for

Case | Boundary condition Stress long plate

(a) Compression 40

(b) Compression 597

o] 55 |a—]
{c) 5.5.55 5.5, Compression 0.425
[—* Free

Compression 1.277

3 Fed_Ji] -
(e) +ss. s.sf+— |Compression 5.42
31 ss. [T
55
(£) 1| Shear 5.34
5.5

88,
5T
Fixed
(g) 1l Shear B8.98
Fixed
—
s

B
Ll E g S o
5.5,
Fixed
(i) Bending M.8
Fixed

The occurrence of local buckling leads to stiffness loss (Bulson, 1970) but this does
not mean that a member will collapse immediately or no longer able to carry more
load. In fact, the member can bear additional loads after the initial local buckling stress
reached as a consequence of redistribution of stress and membrane action (Yu et al.,
2010). Bulson, 1970 found that a square plate subjected to compression will continue
carrying loads even with about 40% reduction of the initial elastic stiffness regardless
of whether the plate element is stiffened or not as shown in Figure 2.8. This
phenomenon is called post-buckling behaviour. Studying the post buckling behaviour
theoretically is very complex and normally needs a computer analysis to accomplish
an accurate solution (Hancock, 1998). In 1932, von Karman (Von Karman, 1932)
investigated the post-buckling strength of plates and introduced an effective width
method (EWM) to handle this problem. Based on experimental results, the EWM was

later modified by Winter (1947, 1968). Nowadays, this method is still unitised in many
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design standards including EN 1993-1-3 (2006). EWM will be discussed in detail in

section 2.4.1.1.

Longitudinal stresses
al centre

Longitudinal stresses
at ends

Stiffened element Unstiffened element

Figure 2.8 Post buckling behaviour of a square plate (Hancock, 1998).

2.2.2 Distortional buckling

A solution to enhance the behaviour of thin-walled member against local buckling is to
incorporate edge and/or intermediate stiffeners into the cross-section, however, this
leads to the occurrence of new buckling mode commonly termed “distortional
buckling”. Distortional buckling involves rotation and translation at the top flange-lip
component of the member (Yu and Schafer, 2003) as shown in Figure 2.9. This
phenomenon might be driven by web crippling as well (Yu and Schafer, 2003).
Generally, the half-wavelength of distortional buckling is 3-6 times longer than that of

the local buckling but shorter than that of lateral torsional buckling.
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Figure 2.9 Distortional buckling for different cross-sections.

Between the 1940s and 1950s distortional buckling was first studied by several
researches (Lundquist et al., 1943, Gallaher and Boughan, 1947, Van Der Maas,
1954), however, they found it very challenging to predict it analytically (Schafer, 2000).
Dwight (1963) carried out experimental investigations on aluminium lipped channel
sections and hat sections to study it. Later, Sharp (1966) proposed the first analytical
method to approximate the distortional buckling, which he named at that time as
“overall” buckling, and utilised Dwight's experiments for verifications. Desmond
(1977), Desmond et al. (1981a) and Desmond et al. (1981b) studied the effect of edge
and intermediate stiffeners on lipped channel columns and beams. They developed
analytical equations by using effective width methods to predict the ultimate strengths
of thin walled compression elements with edge and intermediate stiffeners. In their
works, which established the basis for the AISI (1996) on edge stiffened elements, two

different buckling modes have been reported namely local plate buckling and stiffener
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buckling modes. The former refers to the distortional buckling mode. It has been found
that the critical stress for local buckling of a stiffened element is lower than that for
distortional buckling (Desmond, 1977), therefore, a single empirical solution has been
provided for the buckling coefficient of an edge stiffened element in local or distortional
buckling (Schafer, 2000). Accordingly, the treatment of distortional buckling was not
explicitly different from that of local buckling (Schafer, 2000). Thomasson (1978)
conducted tests on lipped channel sections and observed distortional buckling which
he named “local-torsional” buckling. He offered a solution to prevent distortional
buckling which is connecting one lip to another with tightly spaced braces (Schafer,

2000).

Hancock (1978) was the first who coined the term “distortional buckling” to distinguish
it from lateral-torsional and local buckling. Thereafter, Lau and Hancock (1987)
proposed an analytical model to determine the elastic distortional buckling stress of
channel column as shown in Figure 2.10a. The flexural-torsional buckling of a simple
flange is the basis of their model, in which the flange acts as an isolated column and
the effect of web is represented by applying the rotational spring stiffness k4 and
translational spring stiffness k, at the web-flange junction. Since the effect of
translational spring stiffness on distortional buckling stress was found to be minimal,
Lau and Hancock (1987) suggested it could be neglected (k, = 0). After a decade,

Hancock (1997) modified the previous model (Figure 2.10a) to predict the distortional
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buckling stress of flexural members subjected to a constant bending moment. The
revised model is shown in Figure 2.10b, in which rotational spring stiffness can be
determined by considering the tension end of the web to be fixed. Both models were

adopted in Australia standards (AS/NZS, 2005).
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Figure 2.10 Analytical model for determining distortional buckling in (a) compression (Lau
and Hancock, 1987) and (b) Bending (Hancock, 1997).

The Hancock's model was further examined and developed by Schafer and Pekdz
(1999) to introduce a new method for calculating the effective width of the web. The
model of Schafer and Pekdz (1999) was subsequently adopted by North American

specifications for cold-formed steel (AlSI, 2007).

Based on flexural buckling of stiffeners, an alternative analytical model for determining
elastic distortional buckling of cold formed steel element with edge or intermediate

stiffeners was provided by EN1993-1-3 (CEN, 2006a) as shown in Figure 2.11. In this
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model the edge stiffener or intermediate stiffener is assumed to act as a compression
element with continuous partial restraint, with a spring stiffness k which relies on
boundary conditions and rotational stiffness of the adjacent elements. The spring

stiffness should be obtained by applying a unit load u per member length at the

centroid of the stiffener, as given by Equation 2.9. where ¢ is the deflection of the

stiffener caused by the unit load. The model is described in detail in section 2.4.1.1

K=u/s (2.9)

i

a) Actual system

e

b) Equivalent system

Figure 2.11 Determining distortional buckling according to EN1993-1-3 (CEN, 2006a).

2.2.3 lateral-torsional buckling

Lateral-torsional buckling is defined as the occurrence of translation and rotation of
the whole section without distortion as shown in Figure 2.12 (Yu and Schafer, 2006).

Generally, the half-wavelength of lateral-torsional buckling is the longest among the
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three buckling modes (L, D and LTB), and is of the order of the length of the member.
In the case of unrestrained beams, particularly with mono-symmetric open cross-
sections (e.g. channel section) or point-symmetric open cross-sections (e.g. Zed
section with equally flanges) which have a low torsional stiffness, lateral-torsional
buckling may occur and impact the beam capacity (Dubina et al., 2012). However, as
mentioned earlier in section 2.1 the possibility of lateral torsional buckling in a roof
system, particularly under gravity load, is reduced and usually the purlins are
considered to be fully restrained against lateral torsional buckling. Since LTB is not a

failure mode relevant to this project, it will not be further discussed.

Figure 2.12 Lateral-torsional buckling for different cross-sections.

2.2.4 Buckling mode interaction

Cold-formed steel beams may fail in one of the buckling modes discussed before or
any combination of these buckling could be critical depending on length, loading and
geometry of the member (Martins et al., 2017b). The influence of mode interaction was

studied by van der Neut in 1969, whose research became a point of reference for
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studies on mode interaction (Becque, 2014). More researches have been conducted
on the interaction between the local and overall buckling than that on the other coupled
of interactions (e.g., L-D interaction) (Martins et al., 2017a). Therefore, most design
standards consider only the interaction between overall and local buckling modes

(Schafer, 2008).

The influence of local and distortional buckling interaction was first experimentally
investigated by Kwon and Hancock (1992) on cold-formed lipped channel sections,
with and without intermediate stiffeners in the web. They stated that all specimens
failed owing to interaction between local and distortional buckling except three with
intermediate stiffeners, which failed only due to distortional buckling and concluded
that the simultaneous occurrence of local and distortional buckling did not
unfavourably impact the member strength. About a decade later, Schafer (2002)
concluded that the L-D interaction appears to be insignificant for columns, thus it was
suggested to be ignored for design. However, Yang and Hancock (2004) preformed a
compression test on high strength cold-formed steel channel and discovered a
significant impact of the interaction between local and distortional buckling modes on
the ultimate strength of the member. Thereafter, a significant amount of research has
been undertaken to study the Local-Distortional interactive behaviour experimentally

and numerically, mostly in columns.

Owing to the development of finite element method, studying the interaction modes
has intensively increased in last two decades (Dubina and Ungureanu, 2013).
Numerically, Dinis and Camotim (2010) studied the post-buckling behaviour of lipped
channel beams undergoing uniform bending about their major axis and influenced by
L-D interaction. In their study, two different cross-section geometries were chosen (i)

to ensure that critical buckling moments for local and distortional buckling are equal,
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hence maximising the effect of L-D interactions; and (ii) to ensure that local instability
is triggered by either the web or the compression flange. Moreover, different initial
imperfections magnitudes were considered to assess their effect on post-buckling
behaviour of the selected beams. The results of Dinis and Camotim reveal that the
pure local initial imperfections lead to the lowest post-buckling strength for beams the
failure of which is triggered by their flanges, while when failure is triggered by the web
the pure distortional initial imperfections are detrimental ones. Furthermore, the post-
buckling behaviour of flange and web triggered beams are different qualitatively and

quantitatively.

Haidarali and Nethercot (2011) developed two numerical models that simulate the
response of laterally restrained cold-formed steel lipped Z-sections beams subjected
to four-point bending to analyse the behaviour arising from the interaction of local and
distortional buckling. Their two models, termed “complete” and “simplified” were
verified against the tests conducted by Yu and Schafer (2006). Both models show a
good agreement with the experimental results, however, employing the simplified
modal would considerably reduce the computational time. The authors concluded that
the models are capable of simulating cold formed steel beams affected by L-D
interaction. Therefore, the simplified model was subsequently unitised to study the
effect of the ratio of lip size to flange width and the inclination angle of the edge
stiffener on z-section beam under four-point bending (Haidarali and Nethercot, 2012).
It was found that the lip-flange interaction has a significant impact on the post-buckling
strength and failure mode, and the inclination angel would not substantially affect the

post-buckling strength if not exceeding 20°.
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Anbarasu (2016) reported another numerical investigation on lipped channel beams
under the uniform bending moment about the major axis. He stated that all beams
analysed exhibited L-D interaction failure mode and the current DSM is unsafe for
beams affected by L-D interaction, therefore, he introduced a new DSM strength curve
for the treatment of L-D interactive failures. However, his proposed curve offers overly
conservative and largely scattered predictions (Chen et al., 2020). Similarly, Martins
et al. (2017a) conducted numerical investigations on three different cold-formed steel
cross-sections namely, lipped channel section, zed-section and hat section, with two
different support conditions and undergoing uniform bending. The current DSM design
curves were once more found to be inadequate in predicting the ultimate strength for
beam failed due to L-D interaction. Therefore, Martins et al. (2017a) proposed a

modification to the current DSM to handle this coupling behaviour (L-D).

No experimental investigations with the aim of studying the effect of L-D interaction on
cold-formed steel beams subjected bending were reported until 2019, when Ye et al.
(2019) first reported tests on lipped channel beams affect by L-D interaction. Six back-
to-back beams built up cold-formed steel lipped channel sections were subjected to
four-point bending and laterally restrained at the load points. The occurrence of L-D
interaction was observed in all tested beams. The experimental results were utilised
to assess the accuracy of EN 1993-1-3 (CEN, 2006a), the current DSM (AISI, 2016)
and the two modified DSM previously proposed by (Anbarasu, 2016, Martins et al.,
2017a). The predictions of EN 1993-1-3 (CEN, 2006a) and the current DSM (AISI,
2016) were found to be in close agreement with test results, however, surprisingly,
both modified DSM (Anbarasu, 2016, Martins et al., 2017a) were overly conservative.

Opposite outcomes have been reported very recently (Chen et al., 2020) based on 20
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tests on lipped channel beams subjected to four-point bending. Chen et al. (2020)
stated that all beams failed by L-D interaction as planned and the modified DSM
proposed by (Martins et al., 2017a) is more efficient and reliable than the current DSM
(AISI, 2016), which appears to be unsafe since it provides overestimated strength

predictions for beam failing by L-D interaction.

To date the effect of the interaction of local and distortional buckling has not been
addressed in (AS/NZS, 2005; AISI, 2016), although various modifications to the
current DSM have been proposed to address it, as dissused earlier. Hence, it can be
concluded that further experimental and numerical investigations are still needed to
better understand the L-D interactive buckling and to improve current design

standards.

2.3 Web crippling

Purlins are primarily loaded by uniformly distributed loads; hence their geometry is
optimized to resist local and distortional buckling, with little regard given to failure
modes such as web crippling, which can occur in the presence of concentrated loads.
However, due to their high strength-to-weight ratio, additional applications of cold-
formed steel members have been pursued by cold-formed steel section
manufacturers, thus necessitating the study of the response of highly optimised

sections under loads they have not been optimised to resist.

A typical example of highly optimised cold-formed steel section geometry is the family

of sigma section purlins which employs folding lines along their webs. The non-straight
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geometry of their web is beneficial in terms of reducing the slenderness of the web
plated element, however, it increases their susceptibility to web crippling in case the
purlins are subjected to concentrated transverse loads and consequently, it reduces
their overall moment resistance. Therefore, the structural behaviour of sigma sections
when subjected to web crippling warrants further research to enable these sections to

be used in applications involving concentrated point loads.

Web crippling is defined as the occurrence of localised failure at the points of
concentrated load or supports where the stresses are localised as shown in Figure
2.13. Studying the various cross-sectional instabilities of cold-formed steel members
theoretically is very complex as many factors are involved, such as the initial geometric
imperfections of the plated elements, load eccentricities, effect of curved corner
regions, material yielding (Yu et al., 2010). Therefore, the first web crippling

investigations were mainly experimental.

Section A-A

Figure 2.13 Web crippling (Rhodes and Nash, 1998).
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The first article found in the literature was conducted in 1946 by (Winter and Pian,
1946) who experimentally investigated cold-formed steel |-beams and proposed four
different loading conditions to study the effect of web crippling. These loading
conditions are the end-one-flange (EOF), the interior-one-flange (IOF), the end-two-
flange (ETF), and the interior two-flange (ITF) as illustrated in Figure 2.14. Based on
their experimental work, empirical equations for web crippling design were
recommended and adopted in the earlier version of the American standard AlSI

(American and Steel, 1969).

Following Winter and Pian (1946) investigation, many researches between the 1950s
and 1990s conducted tests on different cross-sections such as Z-sections (Bhakta et
al., 1992, Cain et al., 1995, Beshara and Schuster, 2000, Zetlin and Winter, 1952),
channel sections (Hetrakul and Yu, 1978, Langan et al., 1994, Gerges and Schuster,
1998, Beshara and Schuster, 2000, Young and Hancock, 2001) I-sections (Hetrakul
and Yu, 1978, Bhakta et al., 1992, Cain et al., 1995), Hat sections (Zetlin and Winter,
1952, Wing, 1981, Bhakta et al., 1992, Wu et al., 1997) and multi web sections
(sheeting profiles) (Baehre, 1975, Wing, 1981, Yu, 1981, Studnicka, 1990, Bhakta et
al.,, 1992, Wu et al., 1997). All these test results were gathered in (Beshara and
Schuster, 2000) where fully empiric design provisions were derived for all four load
cases and adopted in a more recent version of the AISI. To date, the current version
of the AISI, which is the NAS S100-16 (AISI, 2016), still employs the four loading
conditions proposed by Winter and Pian (1946). In Europe, the part of Eurocode
dealing with cold-formed steel, the EN 1993-1-3 (CEN, 2006a), has adopted an
equivalent system based on categories where category one corresponds to the EOF,

ETF and ITF loading conditions and category two corresponds to the IOF loading
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condition. Other design standards for cold-formed steel such as the New Zealand
AS/NZS 4600:2018 (AS/NZS, 2005) are based on the same empiric principle.
Although the design of rectangular and square hollow sections is not included in the
above standards and codes, experimental research was also carried out before the

2000s (Zhao and Hancock, 1992, Zhao and Hancock, 1995).

=

 n
. |>1.5h >1.5 _1=21.5a  =1.5h0
i > > | 1 1
EOF IOF

ETF ITF
Figure 2.14 Web crippling loading conditions (a) EOF, (b) IOF, (c) ETF, (d) ITF.

Owing to the complex and physical nonlinearities associated with web crippling
problems, it was not until the mid 1980s when the first numerical studies were reported
by Santaputra et al. (1986) and (Sharp, 1989). Yet, web crippling simulations required
long computational times that could result in unfeasible simulations (Sivakumaran,
1989, Bakker and Stark, 1994). This was overcome with the advancements in
computing and numerical modelling software in the late 1990s and early 2000s making

therefore possible to conduct the first parametric studies successfully (Hofmeyer et
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al., 1999, Hofmeyer, 2005a, Ren et al., 2006, Kaitila, 2007). Since then, several
research studies on cold-formed steel sections subjected to web crippling have been
published with the aim to improve and extend the applicability of the empiric equations
given in the above mentioned design standards with a focus on channel sections
(Macdonald et al., 2011, Gunalan and Mahendran, 2015, Chen et al., 2015,
Sundararajah et al., 2016, Janarthanan et al., 2019a, Janarthanan et al., 2019b),
channel sections with perforations (Uzzaman et al., 2012b, Uzzaman et al., 20123,
Uzzaman et al., 2013, Yousefi et al., 2017b) as well as proprietary beams (Bock et al.,
2019) and SupaCee sections (Sundararajah et al., 2018). With new emerging alloys
available in construction and more advance methods of analysis, web crippling studies
also exist on cold-formed high strength steel tubes (Li and Young, 2018), stainless
steel (Gardner et al., 2006, Zhou and Young, 2007a, Zhou and Young, 2007b, Bock
et al., 2015, Li and Young, 2017a, Yousefi et al., 2017a) as well as aluminium alloys

(Zhou and Young, 2008, Young and Zhou, 2008, Alsanat et al., 2019) among others.

Although material and geometrical nonlinearities make predictive design equations
based on first principles hard to obtain, efforts were made to derive analytical models
for the treatment of web crippling (Bahr, 1978, Reinsch, 1983, Bakker and Stark, 1994,
Vaessen, 1995, Young and Hancock, 2001, Hofmeyer et al., 2001, Hofmeyer et al.,
2002, Hofmeyer, 2005b, Zhou and Young, 2006). These studies were based on
traditional yield line mechanisms that combined with experimental observations were
used to define web crippling collapse mechanisms and post buckling behaviour upon
which to derive analytical equations. Web crippling mechanisms including the rolling
mechanism, the yield arc mechanism and the yield eye mechanism for instance were

identified for hat sections (Bakker and Stark, 1994) and subsequently used for multiple
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web profiles (i.e. sheeting profiles) (Hofmeyer et al., 2001). Since late 2000s and
beginning of 2010s the current trend in web crippling research is to shift from
recalibrating empiric equations with test and numerical data to semi-empirical design
approaches that combine numerical modelling and analytical methods (Hofmeyer and
Bakker, 2008, Bakker et al., 2008). There is also research underway to develop finite
strip analysis for web crippling to ultimately predict the web crippling strength as a
function of the cross-sectional slenderness primarily for channel sections (Hancock

and Pham, 2015, Natario et al., 2016, Nguyen et al., 2017c, Nguyen et al., 2017b).

Departing from empirical design approaches, a new slenderness-based design
approach was proposed by Duarte and Silvestre (2013) for the web crippling design
of channel sections. The underpinning concept of this approach is that, as with other
buckling modes, web crippling resistance decreases with increasing slenderness,
hence a buckling reduction factor y can be explicitly determined as a function of section
slenderness 1, which is defined by Equation (2.10), where Ry is the plastic
resistance load and R,, ., is the elastic critical buckling load. In this approach, the
buckling reduction factor y is determined by applying Equation (2.11), where R,, is the
web crippling resistance. Equation (2.11) can be expressed as a function of the
slenderness and two dimensionless coefficients A and B. It was shown in (Duarte and
Silvestre, 2013) that the semi-empiric slenderness-based design method provides
reasonable predictions for the web crippling resistance, however, the proposed
equations are limited to a small range of web slendernesses, corner radii and
geometries. Subsequently, Bock and Real (2014) adapted the slenderness-based
design method to predict the web crippling resistance of cold-formed stainless steel

hat sections and. In both articles, it was proved that a slenderness-based approach is
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possible for web crippling design whilst achieving more accurate and reliable

predictions than existing design standards.

_ RW
o [Rupt (2.10)
RW,CT
R A
_ R _ 2.11
A Rwpt A" (2.11)

2.4 Design standards and methods

2.4.1 Design Methods for flexural members failing in local and

distortional buckling.

There are many design methods utilized for design cold-formed steel member but two
of them are widely used and adopted in design standards. The more traditional design
approach is the effective width method (EWM), whilst the more recent approach, is the
direct strength method (DSM). Both these methods are assessed in Chapters 4 and
5, hence their original, theoretical underpinning, advantages and disadvantages as

well as their exact formulation are further discussed herein.

The reduced effectiveness of slender cold-formed steel elements due to local buckling
is traditionally accounted for using the effective width concept, originally developed by
Von Karman (1932) as later modified by Winter (1947). The effective width concept
relies on the observation that upon local buckling of a slender plate, the compressive

stresses are redistributed towards the supported parts of the plate with the central less
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stiff parts attracting significantly lower stresses. Hence, parts of the constituent plate
elements of a cross-section that have been classified as slender are assumed
ineffective and only the effective parts are considered in the determination of the cross-

sectional capacity.

This approach is adopted by all international design standards such as North American
specifications for cold-formed steel (AISI, 2016) Australian design standards (AS/NZS,
2005) and Eurocode 3 (CEN, 2006a, CEN, 2006b). Although conceptually simple, the
application of the effective width method necessitates the determination of effective
cross-section properties, which is cumbersome particularly when it needs to be applied
iteratively. Treating the cross-section as an assembly of constituent elements without
accounting for their interaction has been shown to lead to inaccurate and inconsistent
strength predictions for restrained Z and C sections in bending (Schafer and Trestain,
2002), as well as for more traditional cross-section shapes like RHS and I-sections in
compression (Theofanous and Gardner, 2012). Furthermore, as discussed earlier, the
adoption of edge stiffeners to improve resistance against local buckling (Desmond et
al.,, 1981a) has led to the emergence of distortional buckling in cross-sections
subjected to compression (Hancock, 1985) or bending (Yu and Schafer, 2006), an
instability mode beyond the scope of the original effective width method. However,
later EWM was extended to account for distortional buckling by Lau and Hancock

(1987), Hancock (1997), Schafer and Pek6z (1999) and (CEN, 2006a).

Given the increasing complexity of the geometry of modern cold-formed steel sections,

the application of the effective width method, originally developed for cross-sections
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of simple geometry, becomes awkward and its accuracy questionable. Schafer and
Pekoz (1998) developed the Direct Strength Method (DSM) as an alternative design
approach suitable for cross-sections of complex geometry and inherently able to deal

with instability modes and their interactions at cross-sectional and member level.

The DSM is based on empirical equations relating member strength to its yield stress
and its elastic critical buckling stress corresponding to all relevant buckling modes
shapes. Key to the application of the DSM is the determination of the elastic critical
buckling stress for all relevant buckling mode shapes, which is usually accomplished
via the use of software such as the CUFSM (Li and Schafer, 2010). Since its original
inception and its adoption by American (AISI, 2016) and Australian design standards
(AS/NZS, 2005), the DSM has been further researched extended by several
researchers to cover members subjected to bending and shear (Pham and Hancock,
2009), the effect of perforations (Moen and Schafer, 2006, Moen and Schafer, 2011)

and the design of beam-columns (Schafer, 2019).

Both methods have been extensively used and have been calibrated on the basis of
a large pool of experimental data. The EWM, although conceptually simple, is applied
iteratively for members in bending and is therefore cumbersome to apply in practice.
Furthermore, the lengthy calculations of the effective section properties are not
warranted by its accuracy, which in cases of complex cross-section shapes is inferior
to that of the DSM. On the other hand, the DSM is easy and fast to apply regardless
of the cross-section shape and yields accurate strength predictions. A drawback of the

DSM relates to its inability to account for the shift in neutral axis, which occurs when
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non-doubly symmetric sections are subjected to compression and hence its failure to

account for the associated second-order moments.

2.4.1.1 EWM (CEN, 2006a, CEN, 2006b)

The provisions for design given in (CEN, 2006a, CEN, 2006b) should be applied only

to cross-sections that meet the following limits given in Table 2.2.

Table 2.2 Maximum width to thickness ratio (CEN, 2006b).

Element of cross-section Maximum value
KL)' |<—).| b/1=50
t ‘
_}‘_
b |.(—>| b/r=60
/1= 50
Lale

b/1<90

c/t=60
e —>|"|<_f o LI 4/1<50
FLH b/t< 500

Bl
jﬁ

45° < ¢< 90°
h h
. ‘. h/t< 500 sing
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a) For plane elements without edge stiffeners
The effective width of unstiffened element can be determined as following:

The effective width of compression elements b, is determined using Equation 2.12

and 2.13.

1 A, < 0.673
a) for internal comperssion elements {%53(3“”) 1, > 0.673
P
. (2.13)
1 Ap < 0.748
Lb) for outstand comperssion elements {Ap):.zlss 1, > 0.748

Where p is the reduction factor, w is the stress ratio, which can be determined from

Table 2.3 for internal compression elements and Table 2.4 for outstand compression

. -— _  c/t . ,
elements, 7\p is plate slenderness, /'lp _—28.43\/170’ ks is the buckling factor

corresponding to applied stress distribution and element support conditions, c/tis the
width to thickness ratio and ¢ = /zfis is a material parameter accounting for yield
y

strength.

A refine using iteration might be applied to the effective section properties, where y is

based on the effective cross-section of previous iterations.
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Table 2.3 internal compression element (CEN, 2006b).

Stress distribution (compression positive)

Effective” width by

et 5 ha=sp b
Ir)c'_ =05 Irfc“ (‘ch =05 Irfc“
& |[-——--_” 1z>w=0:
a WHH ﬂﬂﬂﬂﬂ 72
i s
b
b, = b, Bo=Dba- b
—i.,-'-l' =
. b - wr<0:
0 T o
& bg=pb.=p bi(l-y)
7 ]
b by =04 by bo=06 b
W = Gxla; 1 l>w=0 0 Oz yp>-1 -1 -l = p>-3
Buckling factor k5| 4.0 B2/ (1,05 +w) | 7,81 7.81-6,2%y + 9, 78w 23,9 3,98 (1 - w)
Table 2.4 outstand compression element (CEN, 2006b).
Stress distribution (compression positive) Effective® width b,g
Bas I l>w=0:
- P
L] | bas=pc
S —
T[Tr w<
M h bas=pb.=pci(1-w)
& D
W= go; 1 0 -1 1 =w=-3
Buckling factor kg 0,43 0,57 0,85 0,57 - 021w + 0,07
bell ar ==
l>w=0
. o2 bas=pc
b ¥
b w0
Mﬂh@ﬂ & bag=pb.=pcl(l-y)
be b
W= olg; 1 l>w=0 0 O=p=-1 -1
Buckling factor &; 0.43 0578 / (w+ 0,34) 1,70 1,7- 5w+ 17,17 238
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b) For plane elements with edge stiffeners

Three steps should be taken as follows:

1. An initial effective cross-section for the edge stiffener should be determined by
utilising the effective widths calculated with assumptions that the stiffener
provide full restraint and flange is doubly supported as shown in Figure 2.15.
The effective width of flange can be determined form Equations 2.12 and 2.13a,

while the lip can be determined by applying Equations 2.13b 2.14 and 2.15.
Ceff = PC (2.14)

0.5 ¢/b < 035

ks =105+ 083" |(c/b - 035)’ 0.35 < c/b < 0.6 (2.15)

Figure 2.15 Determine the initial effective cross-section for stiffener (CEN, 2006a).

2. The reduction factor should be determined using the initial effective cross-
section in order to account for distortional buckling as shown in Figure 2.16.

The reduction factor can be calculated from Equation 2.16.
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1 g < 0.65

v, = 147 = 07321, 0.65 < A4 < 1.38 (2.16)
Ya = ? Aq =138
d

where 1, = /af—y , 0cr,s = the elastic critical stress of the stiffener.

Figure 2.16 Determine the reduction factor for distortional buckling (CEN, 2006a).

3. Refine the reduction factor by repeating step 1 with the reduced strength

();d—fy). It should be noted that step 3 is optional.
Mo

Finally, a reduced stiffener cross-section is applied by considering a reduced thickness
trea if Aq > 0.65. At the end of this lengthy and iterative procedure including a and b an
effective cross-section emerges the effective section modulus corresponding to a
linear stress distribution Wesr of which is determined, and the moment resistance is

obtained according to Equation 2.17:

We
M= Yl (2.17)

YMmo

where W, is the effective section modulus, fy is the material yield strength and yy,is

the partial factor for cross-section resistance equal to 1.
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2.4.1.2 DSM (AlISI, 2016)

The prediction of DSM for local (Mjg;) and distortional buckling (M) of beams are

given by the following equations:

For local Buckling

Mpg = M,,, If A <0.776

Mpg = [1 ~0.15 (%)04] (M)O'4 M,

ne Mne

A= vV Mne/Mcrl

For distortional buckling

MDSd = My If Ad < 0.673

0.5 0.5
Mpgy = [1 ~0.22 (%) ] (%) M,

y y

Adg =My /Mg
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where M, is the elastic critical buckling moments corresponding to lateral-torsional
buckling, M,, is moment at first yield = W, f,; W, = elastic section modulus, 1, and 4,
are non-dimensional slenderness values for distortional and local buckling

respectively. If the beams are assumed to be laterally restrained M,, = M,. The

minimum value of M,,, Mpg, and My, is the flexural strength of the section (Mosw).

2.4.2 Current design standards for web crippling

The web crippling design rules provided in the current specifications such as the North
American specifications for cold-formed steel (AlSI, 2016) and Eurocode 3 Part 1-3

(CEN, 2006a) are summarized in this section.

2.4.2.1 North American specifications (AlSI, 2016)

The north American specifications NAS S100-16 (AlSI, 2016) specifies the unified
empirical equation given in Equation 2.20 to determine web crippling capacity of
different cross-sections for all four loading conditions. In Equation 2.20 h,, is the flat
web height, 6 is the angle between web and bearing surface, N is the bearing length,
r is the internal radius and C, C,, Cy and C,, are dimensionless coefficients related to
the cross-section shape, internal radius, bearing length and web slenderness,
respectively. NAS S100-16 (AISI, 2016) provides the values of dimensionless
coefficients for only five different cross-sections namely, C-sections, Z-sections, hat

sections, multi web sections and built up I-section (back-back C-sections). According
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to NAS S100-16 (AISI, 2016), the applicability limits of Equation 2.20 are: h,,/t <

200,N/t <210, N/h,, <2and 6 =90’".

R, = Ct*f,sind (1 - c\/;) (1 + CN\E) (1 —c, "TW> (2.20)

2.4.2.2 Eurocode 3 Part 1-3 (CEN, 2006a)

Unlike the north American specifications (AlSI, 2016), Eurocode 3 Part 1-3 (CEN,

2006a) provides different equations for every loading condition.

For cross-sections with a single unstiffened web, the web crippling resistance can be
determined as specified below and shown in Figure 2.17, if the cross-section meets

three criteria, which are: h,,/t < 200, r/t < 6 and 45" < 6 < 90°,

- <
lans s L WH
L) W e +ei v “JF
c»‘ e » N> n.'--$
;T TR TR
s N
J P L T
[ o] —es o] el ]
i ii [ 5
e Tt iii}
(a) (EOF) (b) (1OF) (c) (ETF) (d) (ITF)

Figure 2.17 Four loading conditions (CEN, 2006a).
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(a) End one flange (c < 1.5 h,)

For cross-section with stiffened flange

k1k2k3[9 04—L/t][1+0 01 ] 2f,

R, = (2.21a)

YMm1

(b) Interior one flange (¢ > 1.5 h,,)
If N/t < 60:

_ kakyks [14.7—hw/t] [1+0 007_]t2fy

W Ym1
If N/t > 60:
kakoks [14.7—hw/t] [0.75+0.011%¢2f,
w =

YMm1

(c) End two flanges (¢ < 1.5 h,,)

hW—/t][1+0 01X]er,

_ kl kz k3 [666_

YMm1

(d) Interior two flanges (¢ > 1.5 h,,)

hw/t

_ kskyks |21-22£[1+0.0013F|¢2 5,

YMm1

For cross-section without stiffened flange
If N/t < 60:

w/
. kykzks[5.92-"225 [140.01% 2, 2.21b)
w YMm1 '
If N/t > 60:
hw/t N1,2
ki1k,k3|5.92— 0.71+0.015—|t* f,
RW — 1™273 132 ][ t] Yy (2210)

Ym1

(2.22a)

(2.22b)

(2.23)

(2.24)

The coefficients k; to k< should be determined as follows:
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k, = 1.33 — 0.33k

k, =1.15 - 0.15 7/t but (0.5 < k, < 1)
ks = 0.7 — 0.3 (6/90)?

ky = 1.22 — 0.22k

ky = 1.06 — 0.06 7/t but (k, < 1)

where k = f, /228

For cross-sections with stiffened webs, the web crippling resistance can be determined
by multiplying the equivalent value for a similar unstiffened web, obtained from

previous Equations 2.21-2.24 as appropriate, by the factor k,;. However, the
longitudinal web stiffeners should satisfy two conditions (i) 2 <em%< 12, (ii) web

stiffeners should be “folded in such a way that the two folds in the web are on opposite
sides of the system line of the web joining the points of intersection of the midline of
the web with the midlines of the flanges” (CEN, 2006a) as shown in Figure 2.18. The

factor k, ¢ is given by Equation 2.25.

kos = 1.45—0.05 ey, /t but k,o <095+ 35000tzemin/(bdzsp) (2.25)
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by

Figure 2.18 Stiffened web (CEN, 2006a).

where b, is the width of loaded flange, S,, is inclined height of the plane web element

closet to the loaded flange, and e,,,,, and e,,;, are the larger and smaller eccentricity

of the folds relative to system web line respectively.

The main differences between the design methods given in the two standards are:

(i) The Eurocode 3 approach can be applied to any cross-section that meets its criteria,
whilst the NAS S100-16 approach can be applied only to five cross-section types

mentioned earlier.

(ii) The Eurocode 3 approach is applicable to any cross-section with longitudinal web
stiffeners that comply with its conditions, whilst the NAS S100-16 approach is not

applicable to a cross-section with longitudinal web stiffeners.

(iii) The NAS S100-16 approach provides specifications for the five cross-sections with
fastened and unfastened flange to the supports, whilst in the Eurocode 3 approach,

no guidance is provided regarding flange conditions and the support.
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2.5 Gap of knowledge

Based on the surveyed literature two main gaps in knowledge have been identified,
which inform the research reported in Chapters 3-6. As stated in the literature, the lip
(edge stiffener) has a significant impact on the flexural strength and observed failure
modes. However, most purlin manufacturers provide standardised cross-sections,
with significant variations in available section depth, thickness and flange width, but
little if any variations in the lip size. To determine the optimal lip size to flange width
ratio for various cross-section geometries of Z-sections, a series of tests on simply
supported laterally restrained cold-formed steel lipped Z-sections purlins subjected to
sagging moment was conducted and is reported in Chapter 3. As reported in Chapter
4, an advanced numerical model was developed and validated against the obtained
test results, which allows parametric studies to be performed so that the effect of the
lip size to flange width ratio on moment resistance can be further studied. Despite the
considerable existing research on web crippling, no experimental or numerical data on
the web crippling strength of cold-formed steel sigma sections subjected to
concentrated transverse loads exist. Furthermore, there is no design standards
provide design rules for the web crippling strength of sigma sections. Therefore, the
first experimental and numerical investigation on cold-formed sigma sections
subjected to interior one flange (IOF) loading is conducted as part of this project.
Based on both experimental and numerical results a slenderness-based approach for
web crippling design of sigma sections subjected to IOF loading is developed, as

discussed in Chapter 5 and 6.
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Chapter 3: Experimental tests on cold-formed
steel Z sections in bending
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3.1 Introduction

This chapter reports 8 experimental tests on simply supported purlins with lipped Z-
sections under gravity loads. Despite several tests have been reported on sections of
similar geometry have been reported, in most cases the adopted experimental
configuration did not employ test details such as those used in practical applications
but employed conventional 3- or 4-point bending arrangements (Ye et al., 2018).
Although useful for determining the moment resistance, failure to account for the
actual loading and support conditions in practice may results in unrealistic structural
response. Furthermore, the development of a reliable FE model, like the one reported
in Chapter 4, necessitates validation against experimental tests; in most cases
published tests do not report experimental results in sufficient detail to allow such a
model to be developed. Therefore, it was decided that experimental tests employing
realistic load and support conditions had to be conducted as part of this project. The
adopted test details are representative of the support conditions typically employed in
practice with each specimen comprising two purlins connected to each other at regular
intervals with angle struts used in lieu of anti-sag bars and profiled steel sheeting
attached to the purlins’ top flanges via self-drilling screws. The expected failure modes
are distortional or local buckling or the interaction of both since the profiled sheeting
would prevent the occurrence of lateral torsional buckling. The moment resistance
predictions of Eurocode 3 and the Direct Strength Method (DSM) will be compared
against the experimentally obtained moment resistances. The experimental results are
utilized in chapter 4 where a numerical study on the optimization of the lip size to flange

width ratio of Z sections is reported.
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3.2 Experimental programme

A series of 8 tests was conducted on Z-section purlins to determine their flexural
response. The employed test configuration was designed to simulate the behaviour of
simply supported purlins under uniformly distributed loads (UDL) and avoid lateral
torsional buckling. The aim of the tests was to obtain fundamental structural
performance data to be used for the development and validation of a FE model
capable of replicating numerically the experimentally observed structural response as

reported in the following chapter.

3.2.1 Material properties

Tensile coupon tests on material coupons extracted from the mid-width of the flanges
of cold-formed sections cut from the same member length as the tested specimens
were conducted by the manufacturer. Three nominally identical coupons were
extracted from each section. Some of the specimens displayed a well-defined yield
plateau followed by strain-hardening similar to hot-rolled steels, whilst others exhibited
a more rounded material response and an absence of a yield plateau, as shown in
Figure3.1 where two typical stress-strain responses are depicted. This marked
difference in material response of cold-formed steel has been previously observed by
other researchers (Yu and Schafer, 2003) and increases the uncertainty regarding the
appropriate material model to be used in parametric studies. No corner material
properties have been obtained and their effect has not been explicitly considered given
the small area of the corner regions and the high slenderness of the tested sections,
which failed at loads below their elastic moment resistance. Table 3.1 reports the

obtained material properties averaged out for each tested nominal thickness, where t
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is the measured coupon thickness, E is the Young’s modulus, fy is the yield stress or
0.2% proof stress for coupons not exhibiting a yield plateau, f1,0 is the proof stress at
1% plastic strain, f, is the ultimate tensile stress and ¢r is the strain at fracture. It can
be observed that specimens displaying a yield plateau had a higher ductility (i.e. €f)
compared to the specimens that exhibited a rounded material response. It should be

noted that the material yield strength determined from the tests is on average 3.6 %

higher than the nominal one, which is 450 N/mm?.
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Figure 3.1 Typical stress-strain response of material coupons.

588|Page



Table 3.1 Material properties from tensile coupon tests.

t (mm) E (N/mm?) f, (NNmm?) fio(N/mm?) f, (N/mm?) & (%) Material response

1.29 193000 447 470 480 14.7 Yield plateau
1.48 212000 482 484 521 14.5 rounded
1.76 205000 476 481 522 14.0 rounded
1.96 199000 457 460 532 25.0 yield plateau
2.47 206000 461 470 517 24.0 yield plateau

3.2.2 Specimen geometry

The geometry of the tested sections is representative of the Z-sections commonly
used as secondary steelwork supporting roof sheeting in construction. The nominal
outer depth h of the sections varies from 175 mm to 300 mm and the nominal thickness
t varies from 1.30 mm to 3.00 mm thus encompassing a wide range of non-dimensional
distortional and local slenderness. Prior to testing, measurements of the outer flange
width b, outer overall depth h, lip depth d and thickness t were taken with a vernier
caliper at each specimens’ ends and mid-section. The measured section geometry for
each section is reported in Table 3.2, where the average value of measurements of
the internal root radius r; at the flange-web and flange-lip junctions respectively are
also reported. It should be noted that average results for top and bottom flange and
top and bottom lip are reported since no significant differences in the measured
geometry of the top and bottom flange were observed. The section designation starts
with the letter Z indicating a Z-section, followed by the nominal section depth and
nominal section thickness. All symbols are defined in Figure 3.2. All section
dimensions were within 3% percent of their nominal values except 224630, the flange
and lip lengths of which were measured to be 6% larger than the respective nominal

values.
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Figure 3.2 Cross-section geometry and symbols.

Table 3.2 Measured geometric dimensions of tested specimens.

Section h (mm) b (mm) d (mm) t (mm) ri (mm)
214613 145.41 61.37 18.61 1.28 4.31
214620 145.68 63.35 17.34 1.96 4.07
217613 176.75 61.71 19.51 1.29 3.84
217625 176.13 63.7 20.95 247 4.05
220620 200.00 66.4 19.64 1.95 4.44
724615 239.75 65.3 20.47 1.48 3.80
724620 243.83 66.35 19.5 2.00 4.00
Z30718 300.25 75.1 16.95 1.76 4.05

3.2.3 Fabrication and setup

Each specimen consisted of two purlins connected at their top flange by profiled
sheeting with the top flanges facing outwards and the bottom flanges facing inwards.

The purlins comprising each specimen were attached to each other via angle struts

60|Page



employed in practical applications as anti-sag bars, which were bolted through the
specimen webs at 600 mm intervals prior to fixing the sheeting. The distance between
the centrelines of the webs of the paired purlins was 250 mm for all specimens, whilst
the overall width of the sheeting was 400 mm. In addition to facilitating load application,
the sheeting also serves as a means to provide lateral and torsional support to the
purlins hence reducing susceptibility to lateral torsional buckling under downward
loading. The role of the anti-sag bars in the tests was to provide a connection between
the two sections of each specimen at the points of load application and support, hence
facilitating a torsional restrain and stabilising the specimen laterally. It should be noted
that the connection details are identical to the ones used in practical applications.

Figure 3.3 shows a detail of an angle strut employed as anti-sag bar. It should also be
mentioned that several purlins were visibly distorted prior to the assembly of the
specimens. However, once fastened with the sheeting and the angle struts the global
and distortional imperfections of the individual sections reduced significantly. It was
observed that the twisting imperfections of the smaller sections were practically
eliminated, and the resulting specimens appeared almost perfectly straight, whilst for
the larger and stiffer sections, some of the initial twist remained. Given the large scatter
typically exhibited by initial geometric imperfections and the effect of the assembly
process on the imperfection patterns and magnitudes it was decided not to measure

initial geometric imperfections in the experimental part of the project.

The sheeting was fixed with one self-drilling screw to the middle of the top flange of
each purlin every 400 mm. The chosen spacing of 400 mm corresponds to one screw
every second trough of the sheeting and lies at the high end of spacing employed in

structural applications. An extra pair of fixings was adopted at the end sections over
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the support, whilst two consecutive pieces of sheeting were screwed to one another
at their overlapping crowns. Angle cleats are commonly used to support the purlins on
the rafters and provide strengthening against web crippling. Four M12 bolts were used
to attach the vertical leg of an angle cleat to the external part of the web of each of the
purlins whilst the horizontal leg of the angle was bolted down on a thick plate
resembling the flange of a rafter, as shown in Figure 3.4 where details of the
attachment of the sheeting to the purlins can also be observed. In order to allow free
rotation of the purlins at the supports, the plates on which the angle cleats were bolted
were placed on top of cylindrical rollers. Similarly, cylindrical rollers were used

between the spreader beams and the loading plates.

Figure 3.4 End detail over the support.
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3.2.4 Loading and instrumentation

The specimens were tested as simply supported beams with a clear span between the
supports of 3000 mm, thus resulting in span-to-depth ratios ranging from 10 to 20.5.
An extra 150 mm overhang beyond each support was provided to allow for the ends
to move in as the loads are applied; hence the total length of each purlin was 3300
mm. Each specimen was subjected to 4 equal loads applied using two hydraulic
actuators and two spreader beams. Each actuator applied a load onto the centre of
the spreader beams, which were simply supported at fifth points (600 mm intervals)
on the specimens as shown in Figure 3.5, where the setup is depicted schematically.
This loading arrangement was employed to reflect the loading condition of a purlin
subjected to a uniformly distributed load and to allow significant bending moments to
be applied in the presence of low concentrated forces thus ensuring that failure occurs
within the constant moment region. The loading points coincided with the location of
the angle struts and were hence deemed torsionally restrained, whilst the chosen
spacing of 600 mm between loading points results in a constant moment region with
a length equal to 20% of the member length which is within the limits set by EN 1993-

1-3 (CEN, 20063a).
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Figure 3.5 Overview of test setup'(dimensions in mm).
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Between the roller support of each spreader beam and the specimen a 20 mm thick
and 80 mm wide plate used to facilitate a uniform distribution of stresses below the
loading point and avoid local bearing failure. The hydraulic actuators were being
lowered at a speed of 1.5 mm/min, thus replicating static loading conditions. In order
to eliminate any effect of the loading speed, loading was paused for 2 minutes at 10
kN intervals in the beginning of the test and at 1 kN intervals close to the ultimate load.
This is shown as distinct drops in the load-deflection curves in the following section
where the results are reported. Three LVTDs under each purlin were used to monitor
the vertical deflections at mid-span and adjacent load points. The LVDT readings were
utilised to check whether the two purlins of each specimen exhibited identical load-
deflection characteristics and the results are reported in the next section. Additional
LVTDs were positioned on either side of the mid-span monitoring the horizontal
deflections to determine whether any lateral torsional buckling was occurring during
the testing. Moreover, the strain distribution and the resulting curvature of the tested
sections were monitored and recorded at mid-span, where the maximum moment
occurs. Two strain gauges were affixed on the web of each purlin of each specimen
at a distance of 30 mm from the top and bottom flange respectively. Figure 3.6 depicts
a specimen prior to the initiation of testing where the setup and employed
instrumentation including the attached strain gauges and employed LVDTs can be

clearly seen.

In past experimental and numerical studies (Haidarali and Nethercot, 2012, Pham and
Hancock, 2009) the spacing of the screws attaching the sheeting to the purlins was
shown to affect the failure load and failure mode of each specimen if several fixings

are provided at closely spaced intervals. This effect is expected to be negligible for the
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relatively large spacing adopted herein. Therefore, it is assumed that neither local nor
distortional buckling of the tested sections is restrained by the attached sheeting and
all specimens are free to develop both local and distortional buckling without the
cladding providing any stiffness that is likely to suppress these buckling modes. This
was verified by the observed failure modes which were not seen to be affected by the

location of the fixings as will be discussed subsequently.

Figure 3.6 Experimental setup prior to testing and employed instrumentation.

3.3 Results and discussion

3.3.1 Moment resistance and failure modes

Table 3.3 reports key experimental results including the ultimate moment M, and the
observed failure mode. The ultimate moment is determined based on the recorded
maximum applied loads, assuming that they are equally distributed between the paired
purlins. The elastic moment resistance Me;, as determined with measured geometric
and material properties, the My/Me ratio and the elastic critical buckling moments

corresponding to local and distortional buckling, M and Mcq respectively, as
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determined with the aid of the CUFSM software (Li and Schafer, 2010), are also
reported to facilitate the discussion of the results in section 3.4. The letters “L” and “D”
and “WC” refer to local buckling, distortional buckling and web crippling respectively
and correspond to the observed failure modes at or shortly after the attainment of the
failure load. In most cases failure occurred at moments below the elastic moment
resistance of the cross-section, with only one section reaching or exceeding its elastic
moment resistance. For all tests reported herein failure occurred in the constant
moment region, whilst, where web crippling is indicated as a failure mode, this relates
to the observed localised plastic deformation at the loading point which occurred after

the maximum load was attained and is not believed to have triggered failure.

Table 3.3 Key experimental results and observed failure modes.

: u E-IaStic el Mc:, Mcr.d :
Section (kNm) st(lLf?rﬁ)ss (kNm) Mu/Me (kth) (kNI:n) Observed failure mode
214613 5.94 963251 7.15 0.83 6.3 6.19 D/L interaction
214620 11.54 1564029 11.63 0.99 23.21 14.46 D
217613 7.03 1694456 9.59 0.73 6.53 7.50 D/L interaction
217625 19.77 2363137  18.59 1.06 48.74 32.44 Yielding followed by D/L interaction
220620 15.62 3046389  18.55 0.84 23.22 19.73 D followed by WC
724615 11.55 3067543  18.76 0.62 9.78 13.16 D/L interaction
724620 20.33 4359471  25.27 0.80 2296 23.20 D
Z30718 19.13 5788736  31.96 0.60 1476 16.8 D followed by WC

Figures 3.7 - 3.14 show the failure modes of the tested specimens as captured at, or
shortly after the attainment of the failure load. During testing, specimens Z14620 and

224620 displayed pronounced deformations consistent with distortional buckling in the
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opening mode within the constant bending moment region (Figures 3.8 and 3.13) as
the load was approaching and shortly after the attainment of the ultimate load.
Specimens 214613, Z17613, Z17625 and Z24615 exhibited a similar response, with
the difference being that the distortional buckling mode interacted with local buckling
of the compressed lip of the sections, as evidenced in Figures 3.7, 3.9, 3.10 and 3.12,
whereupon failure occurred. Specimens 220620 and Z30718 failed by distortional
buckling weakly interacting with local buckling of the flange, closely followed by web
crippling close to the loading points. It should be noted that the web crippling
deformations (i.e. localization of failure under one of the central loading platens as
shown in Figures 3.11 and 3.14) occurred after the ultimate load was attained; hence
it is believed that web crippling did not affect the moment resistance. Furthermore,
specimen Z17625 experienced distortional buckling and localised buckling of the lip

after the attainment of its elastic moment resistance.

Overall, the observed failure modes accord well with the elastic critical buckling
moments reported in Table 3.3. As expected, due to the strongly stable post buckling
response associated with local buckling compared to distortional buckling, in cases
where the Mc, is significantly larger than Mcrq as is the case for Z14620, distortional
buckling is the observed failure mode without any evidence of local buckling. In cases
where the elastic critical buckling moments for local and distortional buckling are closer
to each other and when the critical local buckling moment is smaller than the critical
distortional buckling moment (M 1<Mcrq), distortional buckling of the compressed
flange occurs followed by localisation of plastic deformations in the compressed lip,

whereupon a marked drop in strength occurs.
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Figure 3.7 Failure mode of Z14613 - interaction of distortional buckling with local buckling of
the lip at mid-span.

Figure 3.9 Failure mode of Z17613- distortional buckling and interaction with local buckling
of lip.
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Figure 3.10 Failure mode of Z17625 - distortional buckling and interaction with local buckling
of lip following material yielding.

Figure 3.11 Failure mode of Z20620 - distortional buckling and web crippling after the peak
load.

Figure 3.12 Failure mode of Z24615 - distortional buckling and interaction with local buckling

of lip.
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Figure 3.14 Failure mode of Z30718 - distortional buckling and localization of failure at left
loading point (i.e. web crippling) after the peak load.

3.3.2 Load - deformation response

The total applied load and mid-span deflections of the twin purlins comprising each
specimen have been utilized to obtain the overall load-deformation response. Figures
3.15 a) and b) depict the load-deformation response of specimens Z17613 and

217625 respectively. Both twin purlins comprising each specimen can be seen to
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behave very similarly in the initial part of the loading, as their respective curves are
almost identical to one another up to failure, whereupon the response diverges. It can
be clearly seen that the more slender section Z17613 exhibits an almost perfectly
linear response with minimal loss of stiffness prior to failure, which occurs due to
interaction between local and distortional buckling. The stockier section Z17625, which
fails at a load 6% higher than the load corresponding to its elastic moment resistance,
displays a gradual loss of stiffness, as the partial plasticisation of the cross-section
causes the curve to exhibit a small plateau when approaching the ultimate load. Both
specimens Z14613 and Z14620 behave in a similar way to Z17613 as shown in Figure

3.16.
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Figure 3.15 Load - mid-span deflection response of specimens Z17613 and Z17625.
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Figures 3.17 a) and b) show the load-deformation response of specimens 224615 and
224620 respectively. Specimen Z24615, which failed due to interaction between
distortional and local buckling, displays a very similar response to that of purlin
Z17613, with the twin purlins of the specimen demonstrating identical load-deflection
response until the ultimate load is reached. Specimen Z24620, the failure of which
involved distortional buckling shows a diverging response between the two purlins,
arguably due to the pronounced initial twist imperfection of the purlins which was not
eliminated when the specimen was assembled as was the case for the smaller and

thinner sections.
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Figure 3.17 Load - mid-span deflection response of specimens 224615 and Z24620.
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Figures 3.18 a) and b) depict the load-deformation response of specimens Z20620
and Z30718 respectively. Despite both specimens failed due to distortional buckling
and followed by web crippling after the ultimate load was achieved, they show different
load-deformation responses. Specimen Z20620 displays identical response for both
purlins, whilst the twin purlins comprising Z30718 are seen to exhibit different stiffness
in terms of the recorded load-vertical deflection response at the onset of loading. This
is attributed to the pronounced initial twist imperfection of the purlins, which vanished

with under increasing load.
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Figure 3.18 Load - mid-span deflection response of specimens 220620 and Z30718.

Examining the evolution of strains with increasing load offers significant insight on the
structural response of the tested specimens. In Figure 3.19 the recorded strains on
the web of each purlin are plotted against the applied moment at mid-span for
specimen Z17613. To facilitate the discussion, the elastic critical buckling moments
for local and distortional buckling Mcr;and Mc,q4, reported in Table 3.3, are also depicted
as a horizontal dotted line and a horizontal solid line respectively. As expected, for
both purlins, the strain gauges attached 30 mm below the top flange, denoted as “top”,
yield negative strain readings, whilst the strain gauges denoted as “bottom”, which
were affixed on the web at 30 mm above the bottom flange give positive readings. Due
to the symmetric arrangement of the twin purlins of each specimen, the strain readings
are almost identical for both purlins throughout the applied loading regime even

beyond the attainment of the ultimate load. The obtained moment-strain response is
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initially linear for both the “top” and “bottom” strain gauges with the respective readings
of the “top” strain gauges being a mirror image of those of the “bottom” strain gauges.
The recorded tensile strains remain linear and elastic (i.e. significantly lower than the
yield strain) throughout the loading, whilst a sharp departure from linearity occurs for
the compressive strains at about 6.5 kNm, whereupon the compressive strains
increase significantly with only a small increase in the applied moment. It should be
noted that although the elastic critical buckling moment for local buckling is smaller
than that for distortional buckling, the observed failure mode and hence the cross-
sectional instability that triggered the sudden increase in compressive strains is
believed to be distortional buckling and not local buckling, since only distortional

buckling deformations were observed prior to the attainment of the ultimate load.
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Figure 3.19 Moment-strain response of specimen Z17613.
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Figure 3.20 depicts the evolution of strains with increasing load for specimen 217625,
which is the stockiest among tested cross-sections and the only one that exceeded its
elastic moment resistance, denoted with a horizontal solid line in Figure 3.19. Contrary
to the observations made for Z17613, both compressive and tensile stresses exhibit
an almost identical behaviour prior to the attainment of the ultimate load, thus verifying
that the cross-section remained fully effective until failure. Based on the material
properties of Z17625 reported in Table 3.1, the yield strain was determined equal to
0.0022. Assuming a linear strain distribution throughout the section web, the
theoretical strain values at the location of the strain gauges when the elastic moment
resistance is reached (i.e. when the strain at the extreme fibre is 0.0022) have been
determined equal to 0.0015 and are depicted in Figure 3.20 as dotted vertical lines.
The theoretical strain values are in perfect agreement with the recorded compressive
strains at the “top” strain gauge location and are very close to the values recorded by
the “bottom” strain gauges, thus confirming material yielding occurred when M¢ was
reached and that the section exhibited inelastic bending capacity (Shifferaw and
Schafer, 2012). Hence, the distortional buckling of the compressed flanges and the
localised buckling of the lip that were observed during the test occurred after the
attainment of the elastic moment resistance and were triggered by material yielding

and the resulting loss of stiffness.
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Figure 3.20 Moment-strain response of specimens Z17625.

Finally, the recorded strains are also utilised to determine the curvature of each purlin
of the tested specimens. In Figure 3.21, the moment at midspan M, normalized by the
elastic moment resistance Mg, is plotted against the curvature k, normalised by the
curvature corresponding to the elastic moment resistance ke=Me/El, for sections
Z17613 and Z17625. The curvature is obtained by dividing the difference in the
recorded strain values by the distance between the strain gauges. For specimen
Z17613, both purlins exhibit an identical response which remains perfectly linear until
the applied moment reaches 65% of the elastic moment resistance, whereafter
distortional buckling occurs and the failure moment is reached. For specimen Z17625
yielding causes a gradual loss of stiffness beginning at approximately 80% of the
elastic moment resistance, as shown in Figure 3.20 b). These observations are in
accordance with the previous discussion on the moment-strain behaviour shown in

Figures 3.19 and 3.20. Similar observations were made for the remaining specimens.
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Figure 3.21 Moment - curvature response of Z17613 and Z17625.

It should be noted that the above discussion was based on the results obtained for the

single test conducted for each nominal cross-section size considered. Experimental
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variation in structural testing is to be expected and hence the behaviour of a single
specimen may not be representative. To ensure the reliability of the obtained
experimental results, the analytically determined stiffness has been compared to the
experimentally obtained one and the agreement was observed to be perfect thus
verifying the validity of the experimental setup as shown in Figure 3.12. Deviation from
the linear response occurs with the occurrence of buckling, yielding or interactions
thereof. The tested material coupons were seen to give very consistent results in terms
of Young’s modulus and yield strength (or nominal yield strength), hence the scatter
of the material response can be said to be minimal and the reported material properties
are deemed representative. The main source of potential experimental scatter is the
occurrence of local and/or distortional buckling, the occurrence of which strongly
depends on the geometric imperfections present in the specimens, which tend to vary
significantly among nominally identical structural components. The effect of initial
geometric imperfections on the structural response of purlins is studied in detail

numerically in the following chapter.

3.4 Assessment of design codes

In this section the experimentally obtained moment resistances Mu are compared
against the design predictions of two international structural design standards, namely
Eurocode 3 (CEN, 2006a, CEN, 2006b) and the Direct Strength Method (DSM) (AISI,

2016).

As discussed in Chapter 2, the European design framework (CEN, 2006a, CEN,
2006b) for cold-formed steel sections is based on the concept of effective section,

according to which the effect of cross-section instabilities on moment resistance is
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accounted for by assuming that parts of the section are ineffective due to local and/or
distortional buckling. The cross-section is treated initially as a collection of plated
elements and the plate slenderness of the compressed elements is determined

according to Equation 3.1:

— c/t

Ap = 28.4¢ /Ky (3.1)

IfE is larger than the codified limits, an effective width factor p is determined according
to the provisions of EN 1993-1-5 (CEN, 2006b) and parts of the compressed elements
are assumed ineffective. Thereafter, the effect of distortional buckling is considered
following the provisions of EN 1993-1-3 (CEN, 2006a), according to which the flange
with the edge stiffener is treated as a compression element with continuous partial
restraint the stiffness of which is defined according to the geometry of the cross-
section.

It should be noted that the European guidance cannot be used to predict the expected
failure mode, as the effects of local and distortional buckling are reflected

simultaneously in the geometry of the effective section.

Contrary to the European design guidance that treats cross-sections as an assembly
of their elements, the DSM treats cross-sections as a whole. The moment resistances
to local buckling and distortional buckling, Mn and Mng respectively, are determined
separately and the minimum of the two is the moment resistance Mpsu. Given that no

lateral or torsional deformations of the purlins were observed during testing, restrained
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bending about the geometrical axis parallel to the flanges of the sections was assumed
in the determination of the elastic critical buckling moment using CUFSM, thus
reflecting the effect of the employed sheeting and angle struts. Following this
approach, the DSM predicts that all specimens would fail by distortional buckling (i.e.
Mni>Mna), with the exception of specimen 224615, for which local buckling is predicted.
As discussed in Section 3.3.1, distortional buckling was observed for all specimens,
hence the DSM correctly predicts the observed failure mode with the only exception
being 224615, for which My is marginally smaller than Mng (Mn=12.79 kNm<Mn¢=12.82

kNm).

Table 3.4 reports the design predictions for both methods based on measured
geometry and material properties as well as predicted over experimental moment
resistance ratios and the relevant non-dimensional slenderness values for distortional
and local buckling A4y and 2; respectively. Furthermore, the moment resistance
predictions of both design methods (Mpred.) are normalised by the experimental
moment resistance (My) and plotted against non-dimensional slenderness values for
distortional buckling A4 in Figure 3.21. Overall, both design methods appear to offer
reasonably accurate predictions for the tested sections with a mean predicted over
experimental moment resistance of 0.87 and 0.95 for (CEN, 2006a, CEN, 2006b) and
DSM (AISI, 2016) respectively and corresponding coefficients of variation of 7% and
9%. In both Table 3.4 and Figure 3.22 it can be seen that both design methods offer
very similar predictions for stockier sections 2;<1.04, whilst with increasing
slenderness the DSM predicts higher bending resistances than the Eurocode 3, which

on average are closer to the experimentally determined moment resistances.
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Table 3.4 Assessment of design methods.

. M, Mecs Mpsw
Section (kNm) A4 A (kNm)  (kNm) Meca/M, Mpsw/M,
Z14613 5.94 1.07 1.07 4.51 5.29 0.76 0.89
214620 11.56 0.90 0.71 9.97 9.79 0.86 0.85
Z17613 7.04 1.13 1.21 5.63 6.83 0.80 0.97
217625 19.77 0.76 0.62 17.74 17.42 0.90 0.88
220620 15.62 0.97 0.89 14.40 14.79 0.92 0.95
7224615 11.55 1.19 1.39 10.35 12.79 0.90 1.11
7224620 20.33 1.04 1.05 18.41 19.11 0.91 0.94
Z30718 19.13 1.38 1.47 17.18 19.48 0.90 1.02
Mean 0.87 0.95
cov 0.07 0.09
1.20
1.00
= 0.80
=,
~
T 0.60
i
2,
=
0.40
0.20
EC3
DSM
0.00
0.60 0.80 1.00 1.20 1.40 1.60

Nondimensional distortional buckling slenderness A4

Figure 3.22 Comparison of Eurocode 3 (CEN, 2006a, CEN, 2006b) and DSM (AISI, 2016)
moment resistance predictions against test results.
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3.5 Summary

Eight experimental tests on twin purlins connected to each other with angle struts and
cladding have been conducted and the key experimental results were reported in
detail. It was observed that the structural response of the more slender (thinner)
sections was linear until the attainment of the ultimate load, whereas for the stockier
(thicker) sections gradual loss of stiffness due to yielding prior to failure was evident
and the response became more curved close to the ultimate load. In general, the load—
deflection curves of the twin purlins of the smaller sections (214613, Z14620, Z17613,
217625, 220620 and Z24615) were in close agreement with each other up to the
ultimate load, thus revealing that the load and corresponding deformation was equally
shared between the purlins comprising each specimen. However, for the larger and
hence stiffer sections (224620, Z30718) some discrepancy was observed at the onset
of loading. This is attributed to the fact that the struts and sheeting were sufficiently
stiff to limit the pronounced twisting imperfections of the slender purlins, whilst this was
not the case for the stiffer purlins as discussed in Section 3.3.2. For all specimens
distortional buckling was the prevailing failure mode followed by local buckling of the
lip for those sections having similar values of critical buckling stresses for local and
distortional buckling. Finally, both the Eurocode 3 (CEN, 2006a, CEN, 2006b) and the
DSM (AISI, 2016) were seen to offer conservative and consistent strength predictions,
with the DSM predicting on average 8% higher strengths than the Eurocode 3 and
correctly predicting the experimental failure mode as distortional buckling. The
obtained experimental failure modes and load-deformation responses will be utilised
in the following chapter (Chapter 4) to validate the developed numerical model, which

will be utilized to optimize the lip size of lipped Z-sections.
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Chapter 4: Numerical modelling and lip size to
flange width ratio optimisation of cold-
formed steel Z sections in bending

86|Page



4.1 Introduction

This chapter reports a numerical study on the optimization of the lip size to flange
width ratio of Z-sections under gravity loads. Numerical models of cold-formed steel Z
purlins restrained by cladding and angle struts and subjected to sagging moment will
be developed and validated against a total of 8 experimental results on Z-sections that
failed in local or/and distortional buckling reported in Chapter 3. Models of varying
levels of complexity will be generated and the key parameters affecting the structural
response will be determined by means of a sensitivity analysis. The investigated
parameters will include the magnitude, shape and combination of initial geometric
imperfections pertinent to local and distortional buckling and the simplified or explicit
modelling of test details such as struts and sheeting. After determining the appropriate
modelling strategy that leads to the best balance between accuracy and computational
cost, parametric studies will be conducted to investigate the effect of decreasing or
increasing the lip size to flange width ratio on the sections’ moment resistance and
corresponding failure mode. Based on the parametric study results, the optimal lip
size to flange width ratio which maximizes the moment to weight ratio for each section
will be determined. Finally, all generated FE results are utilized to evaluate the
accuracy of the moment resistance prediction of Eurocode 3 and the Direct Strength

Method.

4.2 Numerical modelling

The finite element software ABAQUS (Simulia, 2014) was utilized to generate the
numerical models that simulate the response of Z purlins subjected to sagging

moment. In all numerical models, geometric imperfections and material non-linearity
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were employed to obtain a realistic estimation of the flexural strength. It is noted that
the failure modes considered in the FE simulations include local and distortional
buckling only in accordance with the experimental results reported in chapter 3 against
which the FE models were validated. All FE models have a clear span length of 3
meters, whilst four-point load were applied at fifth points of the beams to approximate
a uniformly distributed load in accordance with the tests. Details on the modelling

assumptions are given in the following sections.

4.2.1 Element type and discretization

The linear 4-nodded shell element S4R with reduced integration was used to discretise
the modelled purlins as it was shown to perform well in similar studies (Schafer et al.,
2010, Haidarali and Nethercot, 2011, Wang et al., 2016, Kyvelou et al., 2018). To
obtain a good balance between accuracy and computational cost, a mesh
convergence study was conducted on a typical purlin by running successive analyses
with increasingly finer meshes and plotting the obtained strength against the number
of elements. In all models the assumptions reported in the following sections were
employed and only the mesh size was varied, whilst keeping the aspect ratio of the
elements close to unity. A mesh convergence study involving six different mesh sizes
namely 30, 25, 20, 15, 12 and 10 mm was carried out. Figure 4.1 summarises the
results of the mesh convergence study for a typical purlin where it can be clearly
observed that decreasing the mesh has a marked influence of the obtained results
until a mesh size of 12x12, whereafter the results do not change significantly.
Therefore, a uniform mesh size of 12x12 is employed for the flat plated parts of all

models, whilst 3 elements were used to discretise the curved corner regions and 3
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elements were used over the flat lip depth. A typical meshed model with a mesh size
of 12x12 is shown in Figure 4.2. The same discretization was employed in the

parametric studies.

45

a0 O 25

20 15

35 12

30

Ultimate Load (KN)

25

20
2000 4000 6000 8000 10000 12000 14000

Number of elements

Figure 4.1 Mesh convergence study.

Figure 4.2 A typical mesh discretising a purlin and cross-section geometry.
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4.2.2 Initial geometric imperfections

Geometric imperfections are defined as deviations of a member actual geometry from
its nominal one. The magnitude and combination of initial geometric imperfections
have a significant impact on section capacity and structural response; therefore, they
need to be included carefully in the models. Since this study investigates the behaviour
of laterally restrained purlins and given that all specimens failed by local or distortional
buckling, only initial geometric imperfections pertinent to local and distortional buckling

mode shapes were considered.

In the Chapter 3, based on the results of which the FE models are validated herein,
no geometric imperfection measurements were reported. This was due to the tests
having been performed on twin purlin specimens assembled from individual purlins
connected to each other via angle struts and restrained at the top by profiled sheeting.
The assembly process introduced additional geometric imperfections or eliminated
preexisting ones in individual purlins as discussed in Chapter 3. Therefore, in this
study, the initial geometric imperfections were treated as a modelling convenience to
trigger buckling and failure in the desired mode, rather than as a physical reality
(Schafer et al., 2010). To this end a linear eigenvalue buckling analysis was initially
conducted and the buckling mode shapes corresponding to the lowest critical stress
pertinent to local buckling (i.e. short halfwave length) and distortional buckling (long
halfwave length) were utilized to perturb the initial geometry and trigger buckling.
Figure 4.3 shows typical mode shapes for local and distortional buckling extracted

from eigenvalue analysis.
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Figure 4.3 Typical buckling mode shapes for (a) local and (b) distortional buckling.

Three different values for the magnitudes of the imperfections corresponding to local
and distortional buckling were considered as summarised in Table 4.1. The
imperfection magnitude values stated as fractions of the section thickness for cases a
and b were obtained from statistical data for lipped channel sections reported by
Zeinoddini and Schafer (2012) and correspond to the 50% and 75% percentile of the
cumulative distribution function of measured geometric imperfections for local and
distortional buckling. Case c utilises a Dawson and Walker (1972) type of equation to
estimate the magnitude of the geometric imperfection for distortional buckling,
assuming that the magnitude depends on the cross-section slenderness, whilst for the
local buckling imperfection amplitude, the value h/200 recommended in Annex C of
EN 1993-1-5 (CEN, 2006b) has been adopted herein, where h is the overall depth of
the section. The critical buckling stress for distortional buckling, which is required to
determine the imperfection amplitude for the distortional buckling mode shape, was

determined using the software CUFSM (Li and Schafer, 2010).
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Table 4.1 Amplitudes considered for initial geometric imperfections.

Local imperfection Distortional imperfection
a 0.31t 0.751
b 0.54 1t 1.14 t
¢ (h/200) 0.3t * (Gp2/0mra)’S

The initial geometric imperfection f, applied to each model was simulated as a linear
combination of the imperfections for local and distortional buckling in accordance with
Equation 4.1, where «; is the magnitude for each mode predicted by the 3 amplitudes
considered from Table 4.1, C; is a coefficient that controls the sign and portion of the

amplitude and 9; is the mode shape (Zeinoddini and Schafer, 2012).

fo = Xia;C;®; [ = number of mode shape 4.1)

A thorough explanation of numerical imperfections modelling strategies can be found
in (Zeinoddini and Schafer, 2012). As summarised in (Zeinoddini and Schafer, 2012),
there are two classical approaches to determine C;, namely the circle-SRSS (square
root of the sum of squares) and the square-max. A graphical representation of these
methods is shown in Figure 4.4, where C; and C,; are the coefficients for imperfections
corresponding to local and distortional buckling, respectively. In the square-max
approach, the maximum magnitude for every mode with different signs is considered,
while in the SRSS, the relationship between the amplitudes of the two mode shapes

is defined by Equation 4.2.
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/CLZ +Cp2=1 (4.2)

The numbered points in Figure 4.4 define various possible combinations of the two
buckling mode shapes. These include combinations 1-4 according to the square-max
method and combinations 5-8 following the SRSS method. It has to be noted that only
cases 1, 2, 5, 6 are considered in this analysis because, as observed in the tests
reported in Chapter 3, distortional buckling occurred only in the opening mode (i.e.
outwards) hence considering cases with a negative sign (closing mode) would not
accurately capture the observed failure modes. For each specimen, twelve analyses
were carried out (i.e. 3 imperfection magnitudes and 4 combinations of imperfections)
in order to obtain the magnitude and combination of imperfections that leads to the
best agreement with the test experimental results. This is discussed later in the

validation section of this study.

Cpa
— l —

Figure 4.4 Square-max and circle-SRSS approaches.
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4.2.3 Materials properties, residual stresses and corner

strength enhancements

The experimental results from tensile coupon tests extracted from the flange of
sections cut from the same member length as that used for the tested sections are
reported in the Chapter 3. All sections had a nominal yield strength of 450 MPa, with
the experimentally determined one being 466 MPa on average. Young’s modulus was
200000 MPa on average with very small variations. Some of the material coupons
exhibited gradual yielding, whilst most stress-strain curves displayed a well-defined
yield plateau followed by strain-hardening. In the numerical analyses reported herein
the experimentally derived material response was adopted for the validation of the
models. The two stage Ramberg Osgood material model originally proposed in
(Mirambell and Real, 2000) and modified in (Gardner and Nethercot, 2004) as given
in Equations 4.3 and 4.4 for the 1st and 2nd stage, respectively, was used to simulate

the nonlinear material behaviour.

€ = % + 0.002 (6/0p)" Foro <o, (4.3)

B _ _ No.2,1.0
e = (0—092) + (Stl.o _ gtO.Z — %10 00'2) X ( 9~ 902 ) + gto_z For 0o>0 0.2 (44)

Eo2 Ep2 01.0—00.2

In these equations, n is the non-linear parameter exponent of the classical Ramberg-
Osgood model ranged between 17 and 20 for the material reported in Chapter 3, E is
the Young’s modulus, g, is the proof stress corresponding to 0.2 % plastic strain, o,

is the proof stress corresponding to 1 % plastic strain, E, , is the tangent modulus at
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;E, €ty , is the total strain at the 0.2% proof stress
1+0.002nm

0.2% proof stress , E;, =

ety, = 0.002 + 0, /E, €ty is the total strain at the 1% proof stress et;, = 0.01 +
o10/E and ny, 4 is a strain hardening coefficient for a curve that passes through o ,
and g, o. The value of ny, 1, ranges from 0.9 to 2 for the material reported in chapter

3.

As later observed, the effect of material modelling on the numerical results was not

significant due to the high slenderness of the simulated sections.

The engineering stress-strain curves defined by Equations 4.3 and 4.4 namely onom
and €,,,, were converted into true stress o+ and logarithmic plastic strain €, ¢, as

required by ABAQUS according to Equations 4.5 and 4.6.

Otrue = Onom (1 + Enom) (4.9)

8pl,true =In1+ €om) — Onom/ E (4.6)

As discussed in section 2.1.2, and, in line with (Schafer and Pekdz, 1998, Dubina and
Ungureanu, 2002, Yu and Schafer, 2007, Haidarali and Nethercot, 2011, Li et al.,
2013), neither the strength enhancements of the corner regions nor the bending

residual stresses have been explicitly modelled.
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4.2.4 Modelling of structural details

Boundary conditions significantly affect the structural response of the FE models,
hence they need to accurately reflect the actual support conditions employed in
practice. The tests that are simulated herein, employed twin purlins connected to one

another via angle struts as discussed in Chapter 3 and shown in Figure 4.5.

Figure 4.5 Detail of the angle struts (left) and sheeting and angle cleat (right).

Given the importance of the restrain provided by the sheeting and the angle struts to
the purlins, their effect needs to be incorporated in the FE models. The most accurate
but also computationally expensive approach is to explicitly model the sheeting and
angle struts with shell elements and account for the contact between sheeting and
purlins, whereas a computationally less expensive simplification would be to replace
the sheeting and angle struts with relevant support conditions, i.e. restraining the purlin
against out of plane deflections at the locations where it is connected to angle struts
and sheeting. In between these two extremes are the options involving explicit
modelling of only the sheeting or the angle struts with the effect of the other simulated
as boundary conditions, as outlined in Table 4.2, where four modelling approaches of
varying complexity are summarised and assessed with respect to their computational
cost and complexity. The corresponding geometry of the FE models is shown in Figure

4.6. For all cases, to increase computational efficiency, the symmetry with respect to
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boundary conditions, loading and observed failure mode was exploited and only one
of the twin purlins was modelled with suitable boundary conditions simulating the effect
of the presence of the twin purlin. In all models the loads were applied as equal point
loads on the flange whilst the support reactions, were applied on the end sections
which were constrained to remain rigid via kinematic coupling, thus reflecting the

presence of the angle cleat shown in Figure 4.5.

Table 4.2 Modelling approaches considered.

Modelling strategy Computational Cost Complexity

Model a: effect of struts and
cladding modelled as boundary

conditions Low Low
High (necessitates
Model b: struts and cladding modelling of contact, High (necessitates modelling of
explicitly modelled convergence issues) contact)

Model c: struts modelled as

boundary conditions, cladding Hiah High (necessitates modelling of
modelled explicitly '9 contact)

Model d: struts explicitly
modelled, cladding modelled as
boundary condition

Moderate (strut details affect
analysis-optimization not valid for
other strut details)

Low (additional degrees of
freedom)
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(iii ) (iv)

Figure 4.6 Four different modelling strategies with varying complexity corresponding to Table
4.2.
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The boundary conditions employed for the simplified model (model i) are shown in
Figure 4.7, where the z-axis (DOF 3) corresponds to the longitudinal member axis, the
y-axis (DOF 2) is parallel to the web and the x-axis (DOF 1) is parallel to the flange.
For models (ii) and (iv), where the struts are explicitly modelled, tie constrains were
used to model the connection of the struts to the purlin. To model the contact between
with hard behaviour in the normal direction and frictionless behaviour in the tangential
direction was assumed. The differences between the four models outlined in Table 4.2

are discussed hereafter.

U1=U02=U3=UR2=UR3=0

U1=U2=UR2=UR3=0

Figure 4.7 Boundary conditions.
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4.3 Validation

The accuracy of the four modelling strategies employed to simulate the effect of struts
and cladding on the structural response of the modelled purlins is assessed by
comparing the resulting behaviour against obtained tests results. The difference
between the four models is quantified in Table 4.3 in terms of moment resistance,
where all 8 specimens have been modelled following the four modelling strategies
discussed previously, whilst the effect of the adopted modelling strategy on the overall
structural response is demonstrated in Figure 4.8 for purlin Z24620. In Table 4.3,
where Mre and My are the obtained maximum moment from numerical models and
tests respectively, an excellent agreement with the experimental results is observed
for all modelling strategies considered, with model (iii) displaying the best strength
predictions on average and model (iv) the lowest scatter. However, the marginal
improvement in accuracy when the struts and/or cladding are explicitly modelled is
outweighed by the significant increase in computational cost. Furthermore, the focus
of this study is the behaviour of the purlin sections rather than the effect of structural
details, hence the simplified modelling approach (i) will be employed in the remainder

of the study.
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Table 4.3 Effect of modelling approach on the accuracy of the predictions.

Specimen Mee / My Mee / Mr Mee / My Mee / My
(i) (ii) (i ) (iv)
Z14613 0.95 0.97 0.96 0.97
Z14620 1.02 0.99 0.94 1.02
z17613 0.97 0.96 0.99 0.97
Z17625 1.01 1.01 0.98 1.01
720620 1.08 1.10 1.08 1.08
Z24615 1.14 1.09 1.04 1.07
724620 1.04 1.04 1.04 1.04
Z30718 0.94 1.02 1.00 1.02
Average 1.02 1.02 1.00 1.02
cov 0.06 0.05 0.05 0.04
0.8
=
=
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Figure 4.8 Effect of modelling approach on the moment-curvature response of purlins

To investigate the effect of the initial imperfections on the numerical flexural strength
and select the most appropriate imperfection amplitudes and combinations of local
and distortional buckling mode shapes, the numerically obtained results are compared
against the experimental results for all combinations of initial geometric imperfections
considered, as reported in Table 4.4. The numbers 1, 2, 5 and 6 in Table 4 correspond
to the type of combination employed for the local and distortional buckling
imperfections as shown in Figure 4.4, whereas the letter a, b and c correspond to the
imperfection amplitudes reported in Table 4.1. All obtained results are based on the
simplified modelling strategy (i). Overall, the FE results can accurately capture the
experimentally observed failure modes, as shown in Figure 4.9, where the
experimental and numerical failure modes of purlins Z14620, Z20620 and Z17625 are
depicted. In all cases the observed failure modes, including distortional and local

buckling are accurately predicted by the FE models.
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Table 4.4 Effect of initial geometric imperfections on numerical flexural strength.

Case 1 2 5 6

Section Mee/Mr Mee/Mr Mee/Mr Mee/Mr Mee/Mr Mee/Mr Mre/Mr Mee/My Mee/My Mee/My Mee/My Mee/My
a b c a b c a b c a b c

214613 0.98 0.93 0.96 0.97 0.92 0.95 1.01 0.96 0.98 1.00 0.96 0.98
214620 1.01 1.00 1.02 1.01 1.00 1.02 1.01 1.01 1.02 1.01 1.01 1.02
217613 0.99 0.95 0.97 0.98 0.94 0.97 1.01 0.99 0.99 1.00 0.97 0.99
217625 0.98 0.97 1.01 0.98 0.97 1.01 0.99 0.98 1.01 0.99 0.98 1.01
220620 1.07 1.04 1.08 1.07 1.04 1.08 1.09 1.06 1.1 1.09 1.05 1.09
224615 1.12 1.10 1.14 1.13 1.11 1.07 1.14 1.11 1.15 1.15 1.13 1.09
224620 1.03 0.99 1.04 1.04 1.01 1.01 1.05 1.02 1.05 1.05 1.03 1.03
Z30718 1.01 1.00 0.95 1.03 1.02 0.94 0.95 1.01 0.94 1.04 1.03 0.96
Average 1.02 1.00 1.02 1.03 1.00 1.01 1.03 1.02 1.03 1.04 1.02 1.02

cov 0.049 0.053 0.064 0.054 0.060 0.050 0.058 0.049 0.066 0.053 0.054 0.046
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For completeness, and to highlight the importance of incorporating initial geometric
imperfections pertinent to both local and distortional buckling, the numerical over
experimental flexural strength for the purlins considered is reported in Table 4.5, where
the obtained results are based on employing only one buckling mode shape, pertinent
to either local or distortional buckling. The utilized amplitudes are the ones reported in
Table 4.1 as amplitudes (c). It can be clearly seen that employing only one buckling
mode shape that considering a pure imperfection mode, whether local or distortional,
will lead to higher predictions and increased scatter for the moment resistances and
overall a worse agreement with the experimental results is obtained compared to using

mode shapes representative of both local and distortional buckling.

Table 4.5. Effect of pure initial geometric imperfections on numerical flexural strength

. Mre/M+ Mre/Mr Mre/Mr Mre/Mr
Section Ca Ca () CL CL ()
214613 1.12 1.15 0.95 0.96
214620 1.02 1.04 1.02 1.02
217613 1.04 1.03 0.98 0.98
217625 1.01 1.00 1.01 1.01
220620 1.12 1.18 1.12 1.13
224615 1.16 1.17 1.17 1.17
224620 1.08 1.09 1.07 1.07
230718 1.05 1.10 0.95 1.07
Average 1.08 1.10 1.04 1.06

cov 0.049 0.061 0.092 0.076

The imperfections (b) and (c) (see Table 4.1) following the combinations 1 and 2
provide a better agreement with the experimental results compared to combinations 5
and 6, which display a higher predicted moment resistance and increased scatter.

Based on the obtained results, combination 2 of the initial geometric imperfections with
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amplitudes (c) as shown in Table 4.1, is deemed suitable and is adopted hereafter in
the parametric studies. The average ratio of numerical over experimental moment

resistance for all 8 tests is 1.01 with a coefficient of variation (COV) of 0.05.

(b) Z20620
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(c) Z17625

Figure 4.9 Experimental and numerical failure modes for typical purlins.

4.4 Parametric studies

Having determined the optimal modelling strategy to account for the effect of
geometric imperfections and the effect of sheeting and struts at modest computational
cost, parametric studies were carried out to study the effect of decreasing or increasing
the lip size to flange width ratio on the sections’ moment resistance, assess existing

design standards and ultimately optimize the cross-section’s lip depth.

The cross-section geometries considered in the parametric studies are reported in
Table 4.6 and include seven nominal section depths ranging from 146 mm to 307 mm.
Each of the seven section depths is hereafter referred to with the nominal depth in mm
following the letter Z and includes a family of sections with similar midline dimensions
but different thicknesses. A range of thicknesses was considered to cover a wide

range of cross-section slendernesses, whilst the flange width ranging from 62.5 mm
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to 75 mm was employed in line with (Albion Sections, 2019). Six lip depths namely 15
mm, 17.5 mm, 20 mm, 25 mm, 30 mm and 35 mm were taken into consideration. It
should be noted that all section depths considered currently have a nominal lip size of
20 mm (Albion Sections , 2019). For some of the deeper sections further analysis with
deeper lip sizes was conducted to assure that the most efficient cross-section is
obtained. It should be noted that all the lip sizes employed in the numerical analysis
are within the limits specified in EC3 (CEN, 2006a) for the allowable lip size over flange
width ratio (i.e.0.2 < d/b < 0.6). Rounded corners with an internal radius of 4 mm were
adopted for all sections in agreement with the average values measured in Chapter 3.
The beam length for all sections was fixed at 3 m, thereby resulting in a span to depth
ratio ranging from 10 to 21. In agreement with the experimental reported in Chapter 3,
four-point loads were applied at a distance of 600 mm from one another and from the
supports. Neither corner strength enhancements nor residuals tresses were explicitly
considered in the parametric studies, whilst the initial imperfection amplitudes (c) of
Table 4.1 combined according to combination 2 shown in Figure 4.4 was adopted as

previously discussed.

On average the yield strength/nominal yield strength of the tested coupons was very
close to the value of 450 MPa given in the mill certificates. Moreover, the Young's
modulus value was on average 200000 MPa. As previously stated, two distinct types
of material response were observed, an elastic plastic one and a rounded one

displaying gradual yielding.
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To account for the two distinct types of material behaviour obtained from material
coupon testing reported in Chapter 3, two material models were considered, since
some coupon test results displayed a yield plateau and others did not. The first
material model employs an elastic perfectly plastic stress-strain relationship (EPP)
with a yield strength equal to 450 MPa. The second material model considered was a
two stage Ramberg-Osgood (R-O) material equation parameters of which are given in
Table 4.6. For the rounded material response, the material parameters that provided
the best fit to the experimental curve for the 1.76 mm thick coupon was scaled down
so that the nominal yield strength is equal to 450 MPa. This material response was
chosen because the 1.76 mm thick coupon lies in the middle of the range of
thicknesses tested and is considered representative for all materials tested herein. For
both material models, the Young’s modulus was assumed equal to 200 GPa in line
with the material coupon test results and the Poisson’s ratio was taken equal to 0.3.
The effect of the adopted material model on the obtained failure mode is shown in
Figure 4.10, for two typical purlins, where the EPP material can be seen to lead to well
defined plastic zones, whilst the effect of strain hardening of the R-O material leads to

a more gradual yielding in regions with high stress concentrations.

For each material model assumed, 295 geometric configurations were modelled,
hence the parametric study consists of 590 FE simulations. The obtained results are
utilised hereafter to determine the optimal lip size to flange width ratio for each
modelled Z-section and to assess the accuracy of Eurocode 3 (CEN, 2006a, CEN,

2006b) as well as the Direct strength method (DSM) (AlSI, 2016).
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Table 4.6 Summary of geometric configurations and material models used in parametric studies.

. h b t d .
Section (mm) (mm) (mm) (mm) Material
Z146 145 625 1.3,1.4,1.5,1.6,1.8, 2 <

[a W)
Z176 175 625 1.3,1.4,15,1.6,18,2 23,25 9 § "
S <+
Z206 200 65 1.3,14,1516,18223,25| © | & & g
& | = © 25 3
7226 225 65 1.4,15,16,1.8,2, 23,25 s |2 8 e ¢
AN < [9\] Qrf Q
N Il Il ~
Z246 245 65 1.5,1.6,1.8,2,2.3,25,3 “,;’ o m § t ﬁ
- <
7266 265 65 1.6,1.8,2,2.3,25,3 © s
2307 300 75 1.8,2,2.3,25,3 S

(b)

224623

230720

Figure 4.10 Comparison between the failure modes of (a) R-O material and (b) EPP
material.
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4.5 Results and discussion

For all sections considered in the parametric study, the moment resistance Mre was
extracted and normalised by the weight of the modelled section per meter length W to
quantify the effect of increasing the lip size to flange width ratio on both strength and
weight and obtain the optimal lip size to flange width ratio that maximises the strength-
to-weight ratio for each section depth considered. It is noted that the current lip size

for all section depths considered herein is 20 mm (Albion Sections, 2019).

With regard to failure mode, it was observed that when increasing the lip size, the
distortional buckling strength increases considerably more than the local buckling
strength of the cross-section, hence the failure mode shifts from distortional to local
buckling. Furthermore, the lip itself may undergo local buckling for large lip sizes,

whereafter distortional buckling occurs imminently.

For each group of cross-sections with the same depth, the Mre/W ratio is plotted
against the lip size to flange width ratio (d/b) and presented in Figure 4.11. Hence
Figure 4.11 includes 14 graphs, 1 for each nominal section depth considered and each
of the 2 material properties assumed (i.e. EPP and R-O). The lip size to flange width
ratio for which a peak of the Mre/W ratio occurs corresponds to the optimal lip size to
flange width ratio for the studied sections. As expected, all models assuming an elastic
perfectly plastic (EPP) material response reach higher moment resistances compared
to identical sections with a rounded material response, as they maintain their stiffness
until the yield strength is reached, whilst employing a Ramberg-Osgood (R-O) type of
response leads to loss of stiffness at lower stresses and hence cross-sectional
instabilities occur earlier. In all cases considered herein the difference in terms of

moment resistance between EPP and R-O is less than between 1% and 3% for the
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geometrically identical sections with the higher end of the range corresponding to less
slender sections. For the shallowest of the sections considered (i.e. Z146), increased
efficiency can be achieved by increasing the lip size to flange width ratio, since no
maximum can be observed in Figure 4.11(a) and (b). In all other cases, as shown in
Figure 4.11 a clearly defined maximum can be observed for the thinner and most of
the thickest sections, which corresponds to either the current lip size of 20 mm or to
larger lip sizes. In general, the optimal lip size to flange width ratio increases with
increasing section thickness as can be clearly seen in Figure 4.11 where the maximum
of the Mre/W ratio shifts to the right for thicker sections of the same depth. Hence
increased efficiency can be achieved, if the lip size for the same nominal section depth
is changed according to the section thickness, however this would be outside current

practice and potentially highly impractical.

For most of sections, smaller lip size to flange width ratios (i.e. d/b < 0.28) lead to less
efficient cross-sections as their mean Mre/W ratios can be up to 8% lower than that
exhibited by the current lip size to flange width ratio where lip size equal to 20 mm.
For Z176 sections, the current lip size to flange width ratio (d/b = 0.32) is
recommended as either increasing or decreasing d/b ratio reduces the efficiency of
the cross-section. Also on this basis, the recommended d/b ratio for Z206 and Z226
sections is 0.38. Furthermore, d/b ratio of 0.38, 0.46 and 0.54 were found to provide
the cross-sections Z246 and Z266 with very similar levels of efficiency being 0.46 the
optimal and therefore the recommended one. The optimal lip size to flange width ratio
for Z307 appear to be 0.47 since increasing the d/b ratio beyond 0.47 mm has no
benefit with the exception of Z30730 where d/b ratio of 0.6 shows highest efficiency.
Building on the ease of manufacture, however, a single d/b ratio of 0.47 is

recommended for all the Z307 range.
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Figure 4.11 Effect of lip size to flange width ratio on moment to weight ratio.
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4.6 Assessment of design provisions

Finally, the performance of the design provisions for bending and local buckling design
given in the parts of the European code EN 1993-1-3 and the EN 1993-1-5 (labelled
as EC3) (CEN, 2006a, CEN, 2006b) as well as the DSM (AISI, 2016) method from the
American standard AlSI are assessed. To facilitate direct comparison between the two
design methods which incorporate different approaches to reliability and assume
different variations for material strength and cross-section dimensions, all safety
factors were set to unity. Since both design codes specify design rules applicable
throughout the full slenderness range, the comparison includes all results regardless
of their slenderness. Furthermore, in the Eurocode 3 design method, local and
distortional buckling are treated together, hence there is no way to separately assess
the accuracy of the Eurocode 3 design provisions for local and distortional buckling.
The predicted moment capacities Myred determined by both design approaches are
compared with the moment capacities obtained from the FE analysis Mre. The
comparison is shown in Table 4.7 in terms of the average value of the Mpred/Mre ratio
of the various cross-sectional thickness taken into consideration within each cross-
section range whilst highlighting the material type. A graphical representation is also
provided in Figure 4.12 where the Mped/Mre ratio is plotted against the non-
dimensional slenderness for distortional buckling A,determined as given by Equation

4.7, where g, is the material yield strength (or equivalent 0.2% proof strength for R-O

material) and o.,, is the distortional buckling critical strength which has been

determined with the CUFSM (Li and Schafer, 2010).

Ag = (O-y/o-crd)o's (4.7)
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Overall, both design approaches are observed to be safe though the EC3 predictions
are overly conservative underestimating the cross-sectional bending capacity by 10%
for the R-O material and raising the level of conservativeness up to 15% when material
strain hardening is not considered (i.e. EPP material). The EC3 predictions also show
a reasonable scatter with COV values of 6 and 7% for the RO and the EPP material,
respectively. In comparison, the DSM reduces the conservatism by 5% with less
scattered predictions and therefore is deemed more efficient and reliable than EC3 for
all the geometric configurations considered and regardless of material model. The
same observations are depicted in Figure 4.12 where it can also be seen that for 1,
values less than 0.9, both design approaches yield results of very similar accuracy but
the EC3 approach appears to be less accurate with increasing 1,, whereas the DSM
appears equally consistent and accurate throughout the slenderness range

considered.

Table 4.7 Mean values of Myrea/Mre ratio for Eurocode 3 (EC3) and the DSM.

R-O EPP

Section EC3 DSM EC3 DSM
7146 0.90 0.97 0.84 0.92
Z176 0.88 0.96 0.84 0.90
7206 0.88 0.96 0.83 0.90
7226 0.88 0.94 0.82 0.88
7246 0.90 0.94 0.86 0.89
7266 0.92 0.93 0.87 0.88
7307 0.93 0.96 0.89 0.92
Overall mean 0.90 0.95 0.85 0.90
cov 0.060 0.040 0.070 0.039
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4.7 Summary

The development of an FE model for the simulation of Z-section purlins failing by local
and /or distortional buckling has been reported in this study. Particular attention was
paid to the modelling strategy for considering the effect of structural details such as
angle struts and cladding on the structural response of the purlins, whilst a systematic
study was carried out to study the effect of initial geometric imperfections and select
the most suitable amplitudes and combinations thereof. Upon validation of the results,
a parametric study was conducted to study the effect of the lip size to flange ratio on
the flexural resistance of the studied sections. It was determined that all sections,
would be less efficient if their current d/b ratio was decreased, whilst some of them
would benefit from an increase of the current d/b ratio. The recommendations offer on
average material savings of about 6% for the deeper sections and 4% for shallow
sections, thus increasing the efficiency of the manufactured purlins. Finally, all
generated numerical results were utilized to assess the accuracy of Eurocode 3 (CEN,
2006a, CEN, 2006b) and DSM (AISI, 2016) design predictions. In all cases, the Direct
Strength Method leads to a moderate increase in the predicted strength compared to

the European design approach, whilst the scatter of the predictions also decreases.
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Chapter 5: Experimental tests on cold-formed
steel sigma sections subjected to interior
one flange loading
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5.1 Introduction

This Chapter reports a series of experiments on sigma purlins under the interior-one-
flange (IOF) loading condition. Two different section geometries and three different
bearing plate widths are examined. The expected failure mode is web crippling since
the minimum distance specified in AlSI S100-16 was selected which minimising the
impact of the bending moment on the web crippling strength of the tested specimens.
The experimental results are utilized in chapter 6 to develop numerical model and
extend a slenderness-based design approach previously developed for channel
sections and hat sections (Duarte and Silvestre, 2013, Bock and Real, 2014) to the

design of sigma sections subjected to IOF.

5.2 Experimental investigation

5.2.1 Specimens

A series of tests were performed on sigma purlins subjected to a concentrated load
parallel to their web. The tested specimens are cold- formed and have a nominal yield
strength of 450 N/mm?. Tensile coupon tests on flat coupons extracted from the web
of the sections were conducted by the manufacturer and the obtained key material
properties, including Young’s modulus, yield strength, 1% proof strength, ultimate
tensile stress and strain at fracture are reported in Table 5.1, where it can be observed
that the actual yield strength is very close to the nominal one. Both material coupons
exhibited a well-defined vyield point followed by mild strain-hardening until the

attainment of the ultimate tensile stress as shown in Figure 5.1
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Table 5.1 Material properties from tensile coupon tests.

t E fy f1.0 fu &s
(mm) (N/mm?)  (N/mm?) (N/mm?) (N/mm?) (%)
1.2 193000 447 470 480 14.7
2.47 206000 461 470 517 24.0

The minimum required lengths of the tested specimens were determined according to
the requirements of the American Specification for cold-formed steel structures AlSI
S100-16 (AISI, 2016). which specify a minimum distance between the end of the
bearing plate and the support equal to 1.5 times the overall depth of the web for tests
corresponding to the IOF loading case. Since IOF will always be accompanied by a
coexisting bending moment, the minimum distance specified in AISI S100-16 was
selected to minimise the effect of the bending moment on the web crippling strength
of the tested specimens. An overhang of 75 mm was provided beyond the ends on

either side of the specimen.
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Figure 5.1 Stress strain curves of material coupons.
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Two different section geometries were considered in the experimental studies. The
chosen sections have nominal total web depths of 225 and 265 mm, and nominal
thicknesses of 1.2 and 2.5 respectively, thus resulting in two nominal web slenderness
(total web depth/thickness) values 106 and 188. For each cross-section three different
bearing plate widths (N) namely, 50 mm, 75 mm and 100 mm were employed to
examine the effect of bearing plate width on the web crippling strength. Prior to testing,
measurements of the geometry of each specimen were taken at three locations along
their length using a digital vernier caliper for the flat parts of the sections and a radius
gauge for the corners; the results were averaged to obtain representative values. In
Table 5.2, the measured cross-sectional dimensions of the cold-formed steel lipped
sigma sections considered in the tests are reported, where t is the thickness, h is the
total web depth, h1 is the outer web depth, hz is the middle web depth, d is lip depth,
r1is the internal root radius at the flange-web and flange-lip junctions and r» the internal
root radius at the outer web-middle web junctions. The specimens were labelled
according to their nominal cross-sectional dimensions and employed bearing plate
width, e.g. specimen “22512-50" corresponds to a nominal total web depth of 225 mm,
a nominal thickness of 1.2 mm, and the width of bearing plate of 50 mm. Figure 5.2

shows the definition of the symbols used to define cross-sectional dimensions.
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Table 5.2 Measured geometric dimensions of tested specimens.

Specimen h b hq h, t d r Ir
P (mm) (mm) (mm) (mm) (mm) (mm) (mm) (mm)
22512-50 2271 61.9 51.6 1211 1.19 19.01 4.5 55
22512-75 226.8 62.3 511 121.8 1.20 19.07 4.5 55
22512-100 227 61.8 51.6 121 1.20 18.90 4 5
26525-50 265.3 63.6 64.3 133.9 2.49 20.31 4 5
26525-75 265.4 63.6 64.8 133 247 20.28 4 5
26525-100 265.4 63.6 64.8 133 2.47 20.28 4 5
b
= r
Iz
o & tL
16
=

Figure 5.2 Cross-section geometry and symbols.

5.2.2 Setup and instrumentation

The sigma sections were tested under the interior-one-flange (IOF) loading condition
specified in AISI S100-16 as shown in Figure 5.3a. As shown in Figure 5.3b, angle
cleats bolted to the specimen were used at the support locations in accordance with
current practice to prevent failure of the end cross-sections. The angle cleats were
also bolted to a bearing plate which was resting on half rollers to allow free rotation of

the ends in the plane of loading and achieve pin ended conditions. Loading was
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applied on the top flange at mid-span through a bearing plate that was loaded by a
hydraulic actuator. A load cell positioned such that its centroid coincided with the
centroid of the actuator and with the web flange to web junction of the specimen was
positioned between the actuator and the bearing plate. Since the only available
degree of freedom of the actuator was the vertical displacement and due to the
continuous contact of the actuator with the load cell and of the load cell with the bearing
plate, all rotations of the bearing plate were effectively restrained. The width of the

bearing plate was varied as part of the experimental investigation.

* ) P
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| |
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Figure 5.3 Web crippling test set up.
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All test specimens were first loaded up to 2 KN and kept for 1 minute to attain a
complete contact between the actuator and the bearing plate, and to check that
everything was working as expected. Afterwards, the load was continuously applied
until the ultimate load reached and specimens failed. The employed loading rate was

1.6 mm/min.

The employed instrumentation included a load cell to measure the applied force, which
was positioned between the bearing plate and the hydraulic actuator, and three linear
vertical displacement transducers (LVDTSs), which were used to measure the vertical
displacements at three points along the depth of the specimens’ mid-section. These
three points were the top flange LVDT1, the bottom flange LVDT2 and the bottom of
the upper outer web LVDT3 (i.e. the upper horizontal web folding). The utilisation of
several LVDTs along the depth of the section allowed the quantification of the web-
crippling deformation of the upper and middle web and thus the identification of distinct
failure modes. To determine the web-crippling deformation of the upper outer web, the
readings from LVDT3 were subtracted from the readings from LVDT4, while the web
crippling deformation of middle web was determined subtracting the LVDT2 readings
from the readings from LVDT3. All instrumentation was connected to a data acquisition

system that logged data every second.

5.2.3 Test Results

The experimentally obtained ultimate load for all tests is reported in Table 5.3 together
with the observed failure mode for each tested specimen. As expected, all specimens
failed by web crippling, albeit the corresponding deformation patterns differed. For the

more slender sections, web crippling deformations were contained only within the
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upper web and the top part of the middle web, whilst for the thicker sections,
deformations were spread throughout the whole upper and middle web with exception
of specimen 26525-50 where web crippling occurred only within the upper web, as
illustrated in Figures 5.4-5.6. During the test, the upper outer web deformation of the
thinner sections continuously increased until the maximum capacity was reached,
whilst for the thicker sections the upper outer web crippled initially and twisted
thereafter as shown in Figure 5.5 (b). Following the distinction between yield-arc
mechanism and rolling mechanism discussed in (Bakker and Stark, 1994), all slender
(i.e. 1.2 mm thick) sections exhibited a rolling mechanism, as can be seen in Figure
5.4, where the flange can be observed to remain horizontal as the corner radius rolls
down through the web. All thick (2.5 mm thick) sections developed a mixture of a yield

arc mechanism followed by a rolling mechanism, as can be clearly observed in Figure

5.5.
Table 5.3 Summary of experimental results.

Specimen R, £xp (KN) Failure mode

2251950 947 Web crippling of the upper web and the top part of the middle
web

9951275 920 Web crippling of the upper web and the top part of the middle
web

99512-100 901 Web crippling of the upper web and the top part of the middle
web

26525-50 30.49 Web crippling of the upper web only

2652575 33.87 Web crippling of the .up.per and whole middle web followed by

twisting of the upper web
26525-100 36.00 Web crippling of the upper and whole middle web followed by

twisting of the upper web
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Figure 5.4 Failure mode of specimen 22512-50
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(b)

Figure 5.5 Web crippling at the whole upper and middle web (a) followed by upper web twist
(b) (26525-100).

Figure 5.6 Web crippling of the upper web of specimen 26525-50.

The applied transverse load is plotted against the three displacements measured by
the three LVDTs as shown in Figure 5.7 where the top, mid and bottom deflection
corresponds to the readings from LVDT4, LVDT3 and LVDT2, respectively. In this figure
It can be seen that both tested specimens display similar response where the top and
middle deformations are large in comparison with bottom one. The two distinct failure

modes observed for the tested sections are also associated with qualitatively different
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load deformation responses. The more slender sections display an initially linear
response followed by a secondary linear region of reduced stiffness, within which the
deformations of the top part of the section increase faster than those of the upper part
of the middle web thus indicating that crippling deformations are primarily combined
within the upper web. The gradual transition from the initial to the secondary linear part
of the response is accompanied by significant plastic deformations and the stable
nature of this secondary curve demonstrates the ability of the section to redistribute
the stresses internally and accommodate increased load. This behaviour is consistent
with a rolling mechanism (Bakker and Stark, 1994). On the contrary, the stockier
sections display a linear response which gradually degrades until the maximum load
corresponding to web crippling of the upper web is reached, whereupon the load
bearing capacity is lost and the load decreases gradually. The gradual decrease in
load is consistent with a section failing by a combination of a yield arc and a rolling
mechanism, as pure yield arc type of failure results in a more abrupt loss of strength
upon the attainment of the ultimate load, whilst, as previously discussed, a rolling
mechanism results in a response with two distinct linear regions prior to the attainment

of the ultimate load.
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136 |Page



Employing wider bearing plates was expected to increase the resistance area under
the load application, hence to lead to higher web crippling capacities as observed in
the thicker sections. However, this was not the case in the thinner sections where
slightly larger web crippling loads were obtained by the smallest bearing plate width.
Similar results have been previously observed in (Sundararajah et al., 2018). This can
be attributed to the variations of initial imperfection levels and experimental scatter;

the numerical models displayed the expected response as discussed in Chapter 6.

5.3 Summary

In this study, six experimental tests on sigma sections subjected IOF loading were
reported. It was found that the web crippling is the failure mode for all tested
specimens, but the deformation patterns varied. For thinner sections, the rolling
mechanism occurred, whereas for thicker sections a mixture of a yield arc mechanism
and a rolling mechanism were developed. The obtained experimental results will be
utilised in the following chapter (Chapter 6) to validate the developed numerical model
and extend a slenderness-based design approach previously developed for channel
sections and hat sections (Duarte and Silvestre, 2013, Bock and Real, 2014) to the

design of sigma sections subjected to IOF
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Chapter 6: Slenderness-based design for
sigma sections subjected to interior one
flange loading
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6.1 Introduction

This chapter reports numerical study on sigma sections subjected to web crippling. To
investigate further the effect of web geometry on the IOF web crippling strength of
sigma sections, numerical models will be developed and validated against a total of 6
experimental results on sigma sections that failed in web crippling as reported in
Chapter 5. Following successful replication of the experimental observations, a
comprehensive parametric study will be performed, and several sigma sections
covering a wide range of cross-sectional geometries and slenderness will be
numerically modelled. By utilising the experimental and FE results, the north American
specifications NAS S100-16 (AISI, 2016) will be assessed and design
recommendations will be offered. Finally, a slenderness-based design approach
previously developed by Duarte and Silvestre (2013) and (Bock and Real, 2014) for
the web crippling design of channel and hat sections respectively will be extended to

sigma sections.

6.2 Modelling assumptions

A nonlinear static analysis was conducted to simulate the response of the specimens
accounting for material and geometric nonlinearities as well as for the contact
interaction between the specimen and the bearing plate. The curved corner of the
cross-sections means that the load is applied eccentrically to web. Hence there was
no need to perturb the idealized geometry to trigger web crippling as the magnitude of
the initial geometric imperfections would have been significantly smaller than the 2"
order effect caused by the eccentric application of the load. Therefore, no initial

geometric imperfections were incorporated in the numerical models. The employed
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analysis type was general static and displacement control was utilized to apply the

load and obtain the post-ultimate response.

The linear four-nodded shell element with reduced the integration S4R was used to
discretise the midline dimensions of the tested cold-formed steel sigma sections, as
determined from the measured geometry reported in Table 5.2. The SR4 element has
been shown in past studies to give accurate results when modelling cold-formed
sections subjected to web crippling (Zhou and Young, 2007a, Bock et al., 2013,
Natario et al., 2014, Bock et al., 2015, Li and Young, 2017b, Li and Young, 2018). As
in the tests, three bearing plate widths were employed to load each section and an
analytical rigid plate was used to simulate them and facilitate the load application on
the sections. In accordance with the material properties reported in Table 5.1, an
elastic perfectly plastic material was assumed in the modelling with a Young’s modulus

E =200 GPa, a Poisson's ratio v = 0.3 and a yield stress f,, = 450 MPa. As the material

coupons exhibited a well-defined yield plateau and given the minimal strain-hardening

observed, no hardening was assumed for the material.

Achieving a balance between accuracy and computational efficiency requires
employing a suitable mesh size, usually determined via a mesh convergence study.
An element size of 10 mm was used for all flat parts of the sigma sections except for
the top lip of the section where two elements were used in all models. The geometry
of the curved corner at the flange to upper web junction has a profound influence on
the structural behaviour of sections subjected to IOF. With increasing loading, the

loaded flange rotates and the line of contact between the bearing plate and the
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specimen moves along the curved corner region towards the section’s web.
Furthermore, due to the progressive yielding of the integration points of the curve
region, the yield lines also move along the curved region. Hence, due to the changing
contact conditions between the specimen and the bearing plate and the movement of
the yield lines over the curved corner region, a sufficiently fine mesh is required to
discretise the curved corners. The appropriate mesh density in the corner regions was
assessed through a separate mesh convergence study and the effect of adopting five
different mesh size for the upper curved corner region at the flange to web junction
was investigated. Figure 6.1 shows the obtained load deformation response for each
of the element number variations considered in the corner region. Clearly significant
oscillations of the load-deflection response are exhibited when a small number of
elements is employed, because of the effect of the mesh density on the contact with
the bearing plate. It can be clearly observed that when 3 elements are used to
discretise the corner region, there are three local maxima in the load deflection curve,
as extensive yielding of the corner region leads to a drop in strength until the adjacent
corner element comes in contact with the plate, thus decreasing the eccentricity of the
applied load and allowing higher loads to be carried. The more the employed
elements, the smoother the load transfer from the plate to the web of the section and
the more accurately the development of the yield lines is captured, hence the smaller
the apparent oscillations in the load-deflection curve. It is recommended herein that
the top corners should be discretised by at least 15 elements to obtain a smooth
response and sufficiently accurate results. All other corners were discretised using 3

elements. A typical mesh utilised in this study is illustrated in Figure 6.2.
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Figure 6.1 Effect of corner region discretisation on obtained response.

Figure 6.2 Employed mesh size.
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An analytical rigid surface was used to simulate the bearing plate used in the tests and
displacement control was used to load the model. The degrees of freedom of the
analytical surface, defined at its reference point, were restrained except for the
translation in the y-direction (i.e. parallel to the section web). To simulate the effect of
the angle cleats and eliminate localised failure at the supports, kinematic coupling was
utilised to tie the degrees of freedom along the web of the specimens at mid width of
the angle cleats to the degrees of freedom of the constrained reference point to which
boundary conditions were assigned as shown in Figure 6.3. It is noted that rotations
about both y and z axes and translations in the y and x directions were restrained at
both supports, whilst the translation along the specimen axis (z-axis) and the rotation

about the x-axis (in the plane of loading) were free at both ends.

Ux=Uz=UR,=UR,=UR,=0
\

X

U,=U,=UR,=UR,=0

S

U=U,=UR=UR,=0

Figure 6.3 Applied boundary conditions at the reference points controlling the degrees of
freedom of the end cross-sections and the loading plate.

The interaction between the sigma sections and bearing plates was simulated using
contact pairs (surface-to-surface contact). The bottom surface of the bearing plates

was defined as the master surface whilst, the top surface of the compression flange
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of the specimen and corner elements along with the flange were assigned as the slave
surface, as they employed a finer mesh. The corner regions were included in the slave
contact surface because they experience significant deformations and do eventually
come in contact with the bearing plate at high localised deformations. Hard contact
was assumed in the normal behaviour and the friction penalty contact with a friction

coefficient of 0.2 was employed for the tangential behaviour.

6.2.1 Validation

Table 5.4 reports the comparison between the web crippling capacities obtained from
the numerical analysis and the experiments, whilst a typical comparison of
experimental and numerical load-deflection response is shown in Figure 6.4. The
numerical failure modes were in good agreement with the experimentally observed
failure modes as shown in Figure 6.5. Overall, the numerical results show a reasonably
good agreement with the experimental results with a mean R,, g, / R, g ratio of 0.96
and a coefficient of variation (COV) of 0.08. From Table 6.1 it can be seen that larger
differences between numerical and experimental results were observed for specimens
22512-100 and 26525-100. This is believed to be due to the use of wider plates. Wide
plates can be less flat than narrower plates and moreover the contact with the
specimens take place over a longer specimen length where geometric imperfections
may be more pronounced. The inconsistency between the initial stiffness of the tests
and the numerical models has been previously observed by other researchers (Kaitila,
2007, Natario et al., 2014, Bock and Real, 2014, Sundararajah et al., 2018,
Janarthanan et al., 2019a, Janarthanan et al., 2019b) and is attributed to the sensitivity

of the numerical model to initial imperfections and boundary conditions (Bock and
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Real, 2014). Possible reasons for the observed discrepancy relate to the actual
contact conditions between the loading plates and the specimen, which may differ from
the perfect contact along the plate width assumed in the FE analysis. Furthermore,
critical for the observed stiffness is the actual eccentricity of the load with respect to
the loaded web, which in turn depends mainly on the radius of the flange to web
junction. The radius of the specimens was measured using a radius gauge and the
average of the recorded values was used, which might not be representative of the
actual radius in the vicinity of load application. From the comparisons of the
experimental and numerical results in terms of web crippling capacity, the failure mode
and load-defection response, it can be concluded that the model is capable of
replicating the main features of cold-formed steel lipped sigma sections behaviour

failing by web crippling and is hence used in subsequent parametric studies.

Table 6.1 Comparison of the experimental and numerical web crippling loads.

N Rw,Exp RW,FE

Specimen (mm) (KN) (KN) Ry, pxp/ Ry rE
22512-50 50 9.47 9.13 1.04
22512-75 75 9.20 9.45 0.97

22512-100 100 9.01 10.84 0.83
26525-50 50 30.49 29.88 1.02
26525-75 75 33.87 35.21 0.96

26525-100 100 36.00 39.89 0.90

Mean 0.96
cov 0.08
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Figure 6.4 Load-deflection response for sigma section (a) 22512-50 and (b) 22512-75.



(a) 22512-75

(b) 22512-50
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(c) 26525-100

Figure 6.5 Comparison of failure from experiments and numerical models.

6.3 Parametric study

6.3.1 Modelled geometries

Following successful replication of the experimental observations, a comprehensive
parametric study was performed, and several sigma sections were numerically tested.
The parametric study consisted of sixty-three sigma section geometries, having web
depths ranged from 200 to 300 mm, the thickness ranged from 1.2 to 3 mm, and three
middle to total web depth ratios (h2/h): 0.4, 0.6 and 0.8. For all section, the lip depth
(d), the internal root radius at the flange-web and flange-lip junctions (r1) and the
internal root radius at the outer web-middle web junctions (r2) were fixed at 20 mm, 4
mm and 5 mm respectively. It should be highlighted that cross-section with middle to
total web depth ratio of 0.6 represent existing sigma sections, whilst the other middle

to total web depth ratios were considered to examine their influence in web crippling
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behaviour and evaluate the applicability of the slenderness- based design approach
to a wide range of cross-section geometries likely to be employed in the future. The
cross-section dimensions for all sections are summarised in Table 6.2. Similar to the
tests, three bearing plate widths: 50, 75 and 100 mm were employed for each cross-
section. In the parametric study, the lengths of the specimens are determined
according to the American Specification (AISI, 2016) as the minimum length required
for IOF loading conditions. The material adopted in the validation was utilised in the

parametric study with E=200 GPa, v=0.3 and f,=450 MPa.

Table 6.2 Summary of section geometries employed in the parametric study.

_ h b h1 t d r1 ro L
Specime (mm) (mm) (mm) (mm) (mm) (mm) (mm) (mm)
1214,

ASB200 200 625 20,4560 ,5,'7 20 4 5 700

ASB225 225 625 234568 214 o0 4 5 800
: 145,68 467 o5

ASB240 240 625 24.50.72 =218 o0 4 5 gy
: » 90, 2328

ASB265 265 625 27.60,80 =218 o0 4 5 900
: , 60, 2328

ASB300 300 75 30,60,90 1.8,25,3 20 4 5 1000

6.3.2 Analysis

Three types of analysis were conducted in this parametric study: (a) eigenvalue
analysis to obtain the critical buckling load R, .-, (b) first-order plastic analysis

considering elastic-perfectly plastic material and no geometrical nonlinearities to

149 |Page



obtain the plastic load R,, ,, and (c) geometrically and materially nonlinear analysis to
obtain the web crippling resistance R,,. The elastic critical buckling load and the plastic
load are required to define the slenderness of the modelled sections, since, it has been
shown (Duarte and Silvestre, 2013, Bock and Real, 2014), that there is a strong
correlation between slenderness and web crippling resistance R,. It has to be noted
that the critical buckling load R,, ., and plastic load can only be obtained numerically
Ry, Whilst, the web crippling load can be determined numerically and experimentally.
All numerical results obtained from the three analyses are utilized hereafter to derive

suitable predictive equations.

6.3.2.1 Elastic critical buckling Ry, .,

From the eigenvalue analysis, the lowest elastic buckling load pertinent to web
buckling was obtained as the critical buckling load of lipped sigma sections. Since
contact interaction cannot be used in the eigenvalue elastic analysis in Abaqus, the
interaction between the specimen and the bearing plate at midspan was simulated
with kinematic coupling. All degrees of freedom of the nodes at the interface between
the flat part of the flange closer to the web and bend radius along a width equals to
the bearing plate width were constrained to a reference point as shown in Figure 6.6.
This approach provided a good representation of the pertinent web crippling mode
shape as shown in Figure 6.7. The modelling of the supports was not changed in the

elastic buckling analysis.
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Kinematic coupling constraint
at web-flange junction

Reference point at the location of
load application

Figure 6.6 Detail of the employed load application strategy for the elastic critical buckling
analysis.

Figure 6.7 Buckling mode shape corresponding to the elastic critical buckling load for web
crippling Rw,cr.
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6.3.2.2 Plastic load R, ,,,

Apart from considering geometrical nonlinearities, all modelling assumptions adopted
in previous validations were used in first-order plastic analysis to obtain the plastic
buckling load. Determining the plastic load from the first-order plastic analysis was
complex due to three reasons (Dos Santos et al., 2018): (i) the load-deflection curves
sometimes dropped after obtaining unrealistically high deformations; (ii) on some
occasions the numerical analysis terminated without achieving a maximum load; and
(iif) the models may not reach a well-defined maximum and the load-deflection curves
may keep increasing albeit with an ever-reducing slope. From the first order plastic

analysis results, the latter problem was mostly observed, as depicted in Figure 6.8.

To overcome this problem and determine the plastic load R, , from the load-
deformation response obtained numerically, a graphical method was used. Graphical
methods are available in the literature such as the Southwell plot (Southwell, 1932),
the modified Southwell plot (HORNE and MERCHANT, 1965) the convergence
indicator plot (Doerich and Rotter, 2011). Research carried out by Dos Santos et al.
(2018) concluded that all the above methods provide similar estimations for the plastic
load with similar calculation efforts and derived a new simplified method based on the
tangent stiffness plot which. Dos Santos et al. (2018) method was used herein to
extract the plastic load R,, 5, from the load-deformation response. This approach relies
on the variation of tangent stiffness of a structural member obtained from the slope of
the load-deformation response. The tangent stiffness Ki for each increment can be
determined as the change of the applied load over the change in deflection. Following
this approach, the plastic load is assumed to be reached when the tangent stiffness is

equal to 1% of the initial stiffness. The plastic loads obtained by applying this technique
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are assumed to be the plastic loads of the sections and are utilised subsequently to
derive a design method for the determination of the strength of sigma sections

subjected to IOF.
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Figure 6.8 load-deformation response obtained from the first-order analysis.

6.3.3 Assessment and improvement of design guidance

The north American specifications NAS S100-16 (AlSI, 2016) specifies the unified
empirical equation given in Equation 6.1 to determine web crippling capacity of

different cross-sections for all four loading condition.

R, = Ct2f,sind (1 - CT\@ (1 + CN\E> (1 -C, "TW> (6.1)
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As it is in the NAS S100-16 (AISI, 2016), Equation 6.1 is not applicable to sections
having stiffened webs such as sigma sections. Sundararajah et al. (2018) conducted
experimental and numerical investigations on SupaCee sections, which are C-
sections with four web stiffeners, under IOF and EOF loading conditions to assess the
applicability of Equation 6.1. They compared experimental and numerical data against
the NAS S100-16 predictions and found a reasonably good agreement. Sundararajah
et al. (2018) also proposed a new set of dimensionless coefficients for SupaCee

sections, shown in Table 6.3.

The applicability of the dimensionless coefficients given in the NAS S100-16 (AISI,
2016) and those proposed by Sundararajah et al. (2018) for SupaCee sections to
Sigma sections is assessed herein. The accuracy of the predictions can be seen in
Table 6.4 where itis observed that the predictions from the NAS S100-16 overestimate
web crippling capacities (i.e mean ratio greater than 1), whilst reasonably good
predictions are achieved by Sundararajah et al. (2018) recalibrated proposal though
the scatter is relatively high. The reason why Equation 6.1 provides more scattered
predictions for both sets of dimensionless coefficients is the negligence of effect of the
folded webs on the web crippling strength. In other words, Equation 6.1 will give the
same predictions for cross-section with the same web slenderness (h/t) regardless the

middle to total web depth ratios (ho/h). Therefore, the north American specifications
NAS S100-16 (AISI, 2016) is adapted herein by adding an extra term (1 4y JZZ)

that accounts for the presence of fold lines in a web as given in Equation 6.2. The term
consists of the outer web coefficient C,; and the outer web over the flat web height

ratio (h,/h,,). Furthermore, a new set of dimensionless coefficients for sigma sections
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are proposed as shown in Table 6.3. It is clear that the Equation 6.2 with the proposal
coefficients offer excellent agreements with experimental results and FE predictions
for sigma sections. Also offering a significant reduction in the scatter of the predictions

compared to Equation 6.1.

R,, = Ct2f,sinf (1 - Crﬁ) (1 + CN\E) (1 - CW\/";W> (1 + Chy :Tt) (6.2)

Table 6.3 web crippling coefficients.

Proposed by C C, Cy Cy Cn1
NAS S100-16 (2016) 13 0.23 0.14 0.01
Sundararajah et al. (2018) 121 0.22 0.13 0.01
The author 6.3 0.09 0.2 0.01 0.40

Table 6.4 Comparison of experimental and numerical results with predicted web crippling loads.

No.of tests: NAS (AISI, 2016) Sundararajah et al. (2018) Proposed
6
No. of FE
Rw, e Rw, re Rw, e Rw, re Rw, re Rw, re
mOdeIS:189 et RW,EXP ' d/Rw,FE el RW,EXP " d/Rw,FE e Rw,EXP ” d/Rw,FE
Mean 1.08 1.11 0.99 1.02 1.00 0.99
cov 0.18 0.11 0.17 0.1 0.09 0.05
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It is worth noting that the EN 1993-1-3 (2006) approach has not been assessed herein
because it is not applicable for sigma sections. The web crippling equations of EN
1993-1-5 are applicable webs with stiffeners, provided they are “folded in such a way
that the two folds in the web are on opposite sides of the system line of the web joining
the points of intersection of the midline of the web with the midlines of the flanges”

(CEN, 2006a).

6.4 Slenderness-based design

6.4.1 Proposed strength curve for sigma sections

The obtained numerical results for the R, . and R, ,,; loads are utilised to define the

non-dimensional slenderness 1 of the simulated sections, whilst the obtained web
crippling strength R,, normalised by R, ,, defines the buckling reduction factor y.
Plotting the buckling reduction factor against the non-dimensional slenderness, a
strong correlation can be observed in Figure 6.9. Hence, as for other buckling modes,
the buckling reduction factor can be determined as a function of slenderness for sigma
sections. Following a similar approach to that of (Duarte and Silvestre, 2013) and
(Bock and Real, 2014) for channel sections and hat sections respectively, a strength
curve for the web crippling resistance of sigma sections is proposed in Equation 6.3

and depicted in Figure 6.9.

Ry, 0.37
= == 6.3
= Ry =77 63)

It can be observed that, for the range of slenderness considered (i.e. 0.39 — 1.3), the

proposed strength curve provides an excellent fit to the obtained results, whilst it
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follows a simple design framework similar to that adopted for other instability related
failure modes. Key to the successful application of the design method based on
strength curves is the prediction of the elastic critical buckling load R,, ., and the plastic

load R, ,,;, as discussed hereafter.

Proposed

N ho/h= 0.4
0.8 ‘\
. ho/h= 0.6
~
~,
>< B aXX - x ho/h= 0.8
0.6 X
0.4 >
02

0.00 0.20 0.40 0.60 0.80 1.00 1.20 1.40

A

Figure 6.9 FE results and strength curve for sigma sections.

6.4.2 Predictive model for R, ,;

Unlike the plastic resistance of a cross-section, the plastic resistance to web crippling
Ry, p1 is not straightforward to obtain, however, several attempts have been conducted
to predict the plastic resistance of web crippling theoretically (Bakker and Stark, 1994,
Hofmeyer et al., 2002). Researchers have also developed analytical methods based
on yield line mechanism (Zhao and Hancock, 1992, Zhao and Hancock, 1995, Gerges
and Schuster, 1998, Hofmeyer, 2005b, Zhou and Young, 2006, Heurkens et al., 2018).

While yield line mechanisms were adopted in (Duarte and Silvestre, 2013) and (Bock
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and Real, 2014), due to the complex cross-sectional geometry an empirical approach

is adopted in this study.

The empirical model defined by Equation 6.4 is proposed for the prediction of the
plastic web crippling resistance of Sigma sections subjected to IOF loading. The
accuracy of the obtained predictions can be assessed in Figure 6.10, where the

predicted plastic resistances R, ,, ,-.q have been plotted against the numerical ones
Ry i re- Overall, a reasonably good agreement between the predicted and the
numerically obtained R, ,, is observed. The mean value of the predicted over the

numerical R,, ,,; is 0.98 and the COV is 0.06.

3t[N+2.5[(hy—27)+2.5(t+17)]]

Rw,pl = fy ) 16—2t (6.4)
140
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Figure 6.10 Predicted vs FE values for the plastic web crippling load R, ;.
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6.4.3 Predictive model for R, .

To the best of the author’s knowledge there is no closed formed solution for the
determination of the elastic critical buckling load for web crippling R,, .. It may be
determined numerically using either the traditional finite element method as done in
this study or the constrained shell finite element method (Adany et al., 2018). The
predictive model derived herein is based on the critical buckling load equation for
plates subjected to in-plane loading given in Equation 6.5, where E is Young’'s

modulus, t is the thickness of the plate, h is the width of the plate and k, is a buckling

factor. For Sigma sections, h was set equal to h; since the buckling mode shapes
obtained from eigenvalue buckling analysis displayed very limited deformation of the
middle and lower web, with the upper web experiencing most of the buckling

deformations.

m2Et3

Ry cr = kyf - Za—von (6.5)

A buckling factor k; was therefore derived through multi-regression analysis as
successfully done in (Duarte and Silvestre, 2013) and (Bock and Real, 2014). The
main parameters considered in the multi-regression analysis included the section
flange width over the upper web depth ratio b/h,, the bearing width over the beam
length ratio N/L, the overall depth over thickness ratio h/t, the ratio of the upper web
depth over the overall section depth h;/h and the mean root radius over thickness
ratio (0.5t + r;)/t. The derived buckling factor is presented in Equation 6.6 while a

graphical assessment is shown in Figure 6.11, where the predicted buckling factor
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ks »rea have been plotted against the numerical ones k¢ ;. The overall mean value of

the predicted over the numerical R, ., is 0.98 and the COV is 0.14.

b N h h r;+0.5t
ki =—0.78—+11.62=— 0.006 = + 0.87 = + 1.59 = (6.6)
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Figure 6.11 Predicted vs FE values for buckling factor k; of the elastic critical web crippling
load Ry, ¢

6.4.4 Assessment of the proposed method

Using the predictive models presented in Equations 6.4-6.6 and the derived strength
curve given in Equations 6.3, the web crippling strength of Sigma sections subjected
to IOF loading can be determined. The predicted web crippling strengths by the
proposed method R, ... are plotted against the numerical web crippling loads

achieved by the full nonlinear models R, ¢ in Figure 6.12 where overall an excellent
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agreement can be observed with an average predicted over numerical web crippling
strength of 1.00 and a COV of 0.07. Table 6.5 reports a breakdown of the average

predicted over numerical web crippling strength for different data sets.

60
50 >
xh
40 -
—_ a4l % %
)iy
g 30 o ox X
T .x" *
& X %
& 20 9 gl X
% %% ho/h= 0.4
2
10 ;{x ha/h= 0.6
% ha/h= 0.8
0 L
0 10 20 30 40 50 60
Ry g (KN)

Figure 6.12 Predicted vs FE values for the web crippling load R, of sigma sections.

Table 6.5 Assessment of design recommendations.

Rw,pred/
Web ratio Rure
(h2/h)
Mean cov
0.4 1.03 0.06
0.6 1.00 0.03
0.8 0.98 0.09
All 1.00 0.07
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6.5 Summary

The development of an FE model for sigma sections failing by web crippling has been
reported in this study. Based on validation of the FE model, parametric studies were
conducted to generate additional data considering a wide range of cross-section
geometries and a slenderness ranging from 0.39 to 1.3. The obtained results were
used to assess the applicability of the north American specifications to sigma sections.
It was found that the predictions of the north American specifications are unsafe for
sigma sections, therefore, a modification has been proposed by introducing a new

term to the original design equation to account for the presence of fold lines in a web.

The obtained results were also used to extend a slenderness-based design approach
previously developed for channel sections and hat sections (Duarte and Silvestre,
2013, Bock and Real, 2014) to the design of sigma sections subjected to IOF.
Empirical equations for the prediction of the plastic resistance and the elastic critical
buckling load of sigma sections were reported and a new strength curve relating the
slenderness to the web crippling reduction factor y has been calibrated for sigma
sections. The proposed method in Equations 6.3-6.6 gives excellent results within the
range of parameters adopted for its calibration. The research presented in this chapter
corroborates yet again that slenderness based approaches are possible for web

crippling design.
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Chapter 7: Conclusions and suggestions for
future research
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7.1 General

This thesis has investigated the structural response of laterally restrained cold-formed
steel purlins with lipped Z-sections subjected to gravity loads with the view to
determine the optimal lip size to flange width ratio that increases the effectiveness of
cross-section and reduce the amount of material used as reported in Chapter 3 and 4.
This thesis has also investigated the structural behaviour of cold-formed steel sigma
section subjected to web crippling with the aim of assessing and improving the current
design specifications, and expanding the slenderness-based design approach
previously developed by Duarte and Silvestre (2013) and (Bock and Real, 2014) for

the web crippling design as reported in Chapter 5 and 6.

Overall, 8 tests and 590 FE simulations have been conducted on Z-sections, whilst 6
tests and 189 FE simulations have been conducted on sigma-sections. The most
important findings of this thesis are listed in the section 7.2, and suggestions for further

research are made in section 7.3.

7.2 Main findings of the thesis

Most of tested Z-sections failed by local-distortional interaction, while two tested Z-
sections displayed pure distortional buckling. The support conditions applied in the
experimental tests and in particular the use of angle struts/anti-sag bars and the
attachment of cladding to the top flange provided sufficient lateral and torsional

restrain to the purlin since no lateral torsional buckling was observed during testing.

In all tested Z-sections, failure occurred at moments below the elastic moment

resistance of the cross-section with the exception of most stocky specimen, which
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exceeded its elastic moment resistance. The more slender (i.e. thinner) Z-sections
display linear structural response with minimal loss of stiffness prior to the attainment
of the ultimate load, whilst for the thicker Z-sections stiffness gradually decreases as
a result of yielding prior to failure and the response becomes more curved near the

ultimate load.

The test results of Z-sections were used to develop and generate FE modal using
Abaqus. Four modelling strategies were established to examine the effect of angle
struts and cladding on structural response and moment resistance of the cross-
section. In the first modelling strategy, the simplified model, both angel struts and
cladding modelled as boundary conditions, whilst the other three either one of the
angel struts and cladding explicitly modelled or both. It was found that all modelling
strategies have an excellent agreement with the experimental results, however, the
simplified model has been selected for the rest of the study since modelling explicit
struts and/or cladding would provide the marginal enhancements in accuracy with

considerable increase in computational cost.

Since most of the tested Z-sections failed by the interaction of local and distortional
buckling, employing a pure imperfection mode, whether local or distortional, would
result in worse agreement with the test results. Therefore, the incorporation of initial
geometric imperfections pertinent to both local and distortional buckling is necessary
so that the observed response can be accurately replicated. During the validation of
the FE model of zed-section, imperfection sensitivity was studied in detail and the most
appropriate imperfection amplitudes and combinations of local and distortional

buckling mode shapes have been selected and adopted in the parametric studies.

165|Page



Parametric studies were conducted on a wide range of current Albion Section Z-
sections to investigate whether the current lip size to flange width ratio is the optimal
one or it should be modified to increase the cross-section efficiency. To this end,
different lip size to flange width ratios (d/b) were considered in the parametric studies.
These ratios are within the limits specified in Eurocode 3 (CEN, 2006a) (i.e.0.2< d/b <
0.6). For most of sections, small lip size to flange width ratios (i.e. d/b < 0.28) leads to
decreased efficiency by about 8%, whilst lip size to flange width ratios above 0.4 leads
to improved efficiencies particularly for deeper sections, for which gains in the region
of 5% can be achieved. It is noteworthy that the optimal d/b ratio is not significantly

affected by the adopted material model.

The obtained experimental and numerical results of Z-sections were also used to
assess the applicability of Eurocode 3 (CEN, 2006a, CEN, 2006b) as well as the Direct
strength method (DSM) (AISI, 2016). Both design methods were found to offer
reasonably good ultimate capacity predictions, however, the DSM leads to more

favourable ultimate capacity predictions and reduced scatter.

The failure mode for all the six tested sigma sections was web crippling, however, the
patterns of deformation differed. For the thinner sigma sections, deformations
occurred only within the upper web and the top part of the middle web, whereas for
the thicker sigma sections, deformations were distributed throughout the whole upper
and middle web apart from one specimen in which web crippling took place only within
the upper web.

A numerical model of sigma section was developed and validated against the

experimental results. The numerical model showed the capability of predicting web
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crippling resistance and corresponding failure mode of cold-formed steel lipped sigma
sections subjected to interior one flange loading. Therefore, the model has been
unitised in parametric studies.

Parametric were studies carried out on a wide range of sigma sections having three
middle to total web depth ratios (h2/h): 0.4, 0.6 and 0.8. Three different analyses have
been conducted namely, eigenvalue analysis to obtain the critical buckling load R, .,

first-order plastic analysis to obtain the plastic load R, , and geometrically and

materially nonlinear analysis to obtain the web crippling resistance R,,.

It was found that the web crippling resistance increases with increasing the outer web
depth of sigma sections. Furthermore, the current North American specification NAS
S100-16 (AISI, 2016) has been assessed using the obtained experimental and
numerical results of sigma sections. The assessment revealed that the North
American specification is unsafe for sigma section since its predictions are
overestimated. In absence of design guidance for sections with folded webs, the NAS
specification was augmented by adding an extra term that accounts for the presence
of fold lines in a web.

The Eurocode 3 method (CEN, 2006a, CEN, 2006b) cannot be applied to sigma
sections because one of its criteria dose not satisfied, which is the folded web
stiffeners should be in such a manner that “the two folds in the web are on opposite
sides of the system line of the web joining the points of intersection of the midline of
the web with the midlines of the flanges” (CEN, 2006a).

A strength curve was proposed for web crippling resistance sigma sections using the
obtained numerical results. Since the critical buckling load and the plastic buckling
load can be only determined numerically, an empirical equation has been proposed

for plastic buckling load, while for critical buckling load a web was idealized as simply
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supported thin rectangular plates along the edges, undergoing locally distributed in-
plane edge compressive forces, so that the current equations for critical buckling load
of plate can be used as well for web. A buckling factor of plate was derived through
multi-regression analysis. The contribution of this study has been to confirm that

slenderness-based approach can be successfully unitised for web crippling design.

7.3 Suggestions for future research

This thesis has addressed some significant issues regarding increasing the efficiency
of cold-formed steel lipped Z-section purlin via determining the optimal lip size to
flange width ratio, and the structural behaviour of sigma section subjected to web
crippling. Further research is underway for sigma sections subjected to combined web
crippling and bending moment, however, due to Covid-19 the test still incomplete.
Therefore, it was not included in this thesis. There are still many possible areas of
future research as a direct continuation of the research reported herein, as listed

below:

¢ In this thesis the determination of optimal lip size to flange ratio of cold-formed
steel Z-section has been achieved in absence of lateral tortional buckling.
However, in some cases lateral tortional buckling might be present, therefore,
further research should be carried out to determine the optimal lip size to flange

ratio of unrestrained or partially restrained Z-section purlins.
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e The structural behaviour of sigma sections subjected to exterior one flange
loading (EOF), interior two flange loading (ITF) and exterior two flanges loading
(ETF) remains unverified; hence further experimental and numerical research

addressing these loading arrangements is warranted.

e When point loads are applied to unstiffened webs of purlins spanning over
moderate distances an interaction between bending and web crippling occurs.
To this end, the experimental tests reported in Chapter 5 should be repeated
on similar specimens but with longer spans so that the interaction between
bending and web crippling can be studied and the design equation of EN 1993-

1-3 assessed.

e In this project only cold-formed steel sections with a yield (or nominal yield)
strength of 450 MPa have been considered. Both experimental and numerical
research is needed on sigma section made of different materials such as
aluminium and stainless steel and subjected to web crippling or the interaction

of bending and web crippling.

e Finally, further experimental and numerical research is necessary to extend the
scope of slenderness-based design approach to study the web crippling
strength of purlins employing cross-section geometries other than the sigma

section considered herein.
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